
Vibration Damping of Coiled Structures Through
Frictional Slip

Thesis by
Alexander Wen

In Partial Fulfillment of the Requirements for the
Degree of

Doctor of Philosophy

CALIFORNIA INSTITUTE OF TECHNOLOGY
Pasadena, California

2024
Defended March 25, 2024



ii

© 2024

Alexander Wen
ORCID: 0009-0008-9038-3039

All rights reserved



iii

ACKNOWLEDGEMENTS

The title of this dissertation bears only my name, but it does not acknowledge
the crucial guidance, support, and inspiration I received, which were essential to
its completion. First, I would like to thank my advisor Prof. Sergio Pellegrino.
Whatever it was that he saw in my application, I am grateful that he recognized
something in me and extended the opportunity for me to come to Caltech. This work
would not have been possible without his guidance and support. I would also like to
thank my candidacy and thesis committees: Prof. Domniki Asimaki, Prof. Robert
Braun, Prof. Chiara Daraio, Prof. Guruswami Ravichandran, Prof. Nadia Lapusta,
and Prof. Michael Watkins. Their feedback, discussions, and mentorship have
profoundly shaped my research by challenging me and broadening my knowledge.
I would also like to thank Dr. Kyungjae Im for his helpful discussions on friction
modeling and simulation. Funding for this research was provided by the Caltech
Space Solar Power Project.

In addition, I want to highlight the GALCIT staff, in particular: Petros Arak-
leian, Liza Bradulina, Kate Jackson, Ali Kiani, Brandon Nilles, Paula Mark, Jamie
Meighen-Sei, Christine Ramirez. These are the people who support the department
and make everything we do here possible.

I’d also like to thank my friends and colleagues at Caltech. Notably, the cohort I
came into Caltech with who helped me survive the 1st year and beyond. And also,
all past and present members of the Space Structures Lab for their innumerable
contributions and support, from words of encouragement to helpful discussions
and feedback both inside and outside the lab: Brayden Aller, Federico Benazzo,
Dr. Gianfranco Canales, Meital Carmi, Dr. Luke Chen, Sahangi Dassanayake, Dr.
Charles Dorn, Dr. Serena Ferraro, Dr. Terry Gdoutos, Dr. Armanj Hasanyan, Dr.
Wilfried Jahn, Maria Kechri, Dr. Christophe Leclerc, Dr. Andrew Lee, Dr. Yang
Li, Dr. Wen Luo, Dr. Michael Marshall, John Pederson, Dr. Antonio Pedivellano,
George Popov, Dr. Harsha Reddy, Dr. Fabien Royer, Dr. Maria Sakovsky, Dr.
Daniel Scharf, Charles Sommer, Divesh Soni, Dr. Jaden Suh, Dr. Thibaud Talon,
Alan Truong, Dr. Kanthasamy Ubamanyu, Dr. Yuchen Wei. Sergio has a talent
for finding and building a team of remarkable individuals who are not only great to
work with but also continue to foster an enduring lab culture that I am honored to
be a part of.



iv

Specific recognition goes to the DOLCE team, which was part of a collaboration that
last year successfully completed what I believe to be Caltech’s first space mission
entirely designed, built, and operated solely by the university.

I’d also like to acknowledge my friends from various other places: particularly from
undergrad at Berkeley as well as my old coworkers at Planet. As the years pass, I
am increasingly appreciative that the lasting friendships and connections fostered in
previous stages of my life are something special to be cherished. It’s always been
difficult for me to say there’s one exact reason for wanting to do go back to do a
Ph.D, but definitely a major part of it was being inspired and supported by these
people

And finally I’d like to thank my family: my four siblings, my new brother in law,
and my parents, who have supported me not only during my Ph.D, but for my entire
life. Their encouragement and understanding have always been the cornerstone of
my journey. And finally, a special shoutout to my older sister Jessica, who played
a major role in making this possible by convincing me to apply to Caltech when I
never thought I would be accepted.



v

ABSTRACT

Vibration management is important for the survivability of structures. The re-
sponse of a structure under vibration is dependent upon interaction between the
excitation environment and the properties of the structure. If the input excitation
cannot be adjusted, then the structure must be engineered to survive. One approach
to engineering structures to reduce vibration response is through damping, which
is achieved by adding damping devices or materials to covert kinetic energy into
heat, where removing energy from the system reduces the amplitude of response.
There are a variety of existing vibration damping concepts and techniques, however,
conventional methods of these approaches are subject to limitations such as com-
promising stiffness for increased damping and performance that is excitation profile
dependent.

This research proposes a novel, passive vibration damping concept which is mo-
tivated by recent deployable structures for space that use coiling as a packaging
architecture. The proposed concept, referred to as wound roll damping, is a friction-
based damping scheme for coiled structures, where the structure is wound around
a mandrel with tension that allows interlayer slip during vibration. The friction
between slipping layers provides an energy dissipation mechanism, which reduces
the overall level of response. The concept was developed with the challenges of
mitigating spacecraft launch vibration and the limitations of conventional damping
techniques in mind.

Understanding of the working principle and performance of this damping concept
is achieved using a combination of experiments, analysis, and FEA. A method for
determining the locations of slip within a wound roll under vibration is presented.
This consists of modeling the interlayer friction forces, using analytical expressions
for the stress fields that arise during tension winding of wound rolls, and comparing
these values against loading estimates obtained from analysis and FEA. The locations
of slip for wound rolls supported by a cantilevered mandrel with bending vibration
modes are towards the root of the wound roll structure, near the inner layers.

Experimental studies that demonstrate the performance and properties of this damp-
ing concept are presented in this work. A wound roll test sample is subjected to a
range of excitation profiles including: sine sweep, sine dwell, random, and shock
with varying levels of sample winding tension and excitation amplitude. Using
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these experiments, this concept is demonstrated to not be subject to the limitations
of conventional damping schemes. This scheme is observed to be capable of sig-
nificantly increasing the overall stiffness while providing elevated damping levels,
with a performance that is tunable with winding tension, independent of excitation
profile, and scales with excitation amplitude. The locations of slip are observed to
be consistent with predictions from FEA and analysis.

Two approaches to simulate and model the wound roll damper are developed to both
better understand the physical mechanism of this concept and provide analysis tools.
The first method is an FEA model, consisting of the base vibration of concentric
shells and solids that have frictional contact interactions. The second method is a
2-DoF reduced order model that simulates the frictional contact between two mass-
spring-damper systems. Both methods are demonstrated to have good correlation
with experimental measurements.

A majority of this work demonstrates the performance of this concept, using both
experiments and simulation at lab scales. This work also presents simulation studies
that demonstrate the viability of this concept at realistic scales. Using simulations
scaled to recent coilable space structures, both implemented and proposed, the
wound roll damping concept is demonstrated to provide significant stiffness and
damping.
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C h a p t e r 1

INTRODUCTION

1.1 Importance of Vibration Mitigation: Case Studies of Engineering Failures
and Disasters

Vibration management is crucial for the survival and longevity of structures. Ne-
glecting this aspect can have severe ramifications, as evidenced by several infamous
engineering failures across a wide spectrum of applications, ranging from terrestrial
structures to aerospace systems (Fig. 1.1). Vibration induced failures can mani-
fest in various ways. The loading spectrum can contain frequencies that excite a
resonant mode of the structure, or structure-environment interactions can result in
self-oscillation. These conditions can lead to dynamic amplification, where the
structure’s response exceeds material limits (Fig. 1.1a). Even in cases where the
instantaneous failure limit is not reached, repetitive motion can induce vibration
fatigue (Fig. 1.1b), local contact welding or wear (Fig. 1.1c), or unexpected system
interactions, which can confuse sensors and inadvertently trigger unintended states
(Fig. 1.1d, Fig. 1.1e). These examples underscore the critical significance of effec-
tively managing the interaction between structures and their loading environments.
If the loading conditions cannot be reduced or adjusted, the structure needs to be
engineered to survive by mitigating the vibration response.

1.2 Vibration Mitigation Approaches
There are two primary approaches for designing structures to reduce vibration
response. The result of each approach can be demonstrated using the transmissibility
of a 1-DoF mass-spring-damper (𝑚, 𝑘, 𝜁) system, as shown in Fig. 1.2.

The first approach involves modifying the structure’s stiffness with the goal of
moving the system response away from forcing. With the stiffness modification
approach, vibration response reduction can be achieved by either stiffness reduction
or by stiffness increase (Fig. 1.2a). A common technique that employs the stiffness
reduction technique is base isolation, where the system stiffness is intentionally
reduced to shift the resonant frequency lower, resulting in attenuation at frequencies
higher than the new resonant frequency.

Alternatively, increasing stiffness reduces deformation under a given load, thereby



2

(a) Tacoma Narrows Bridge: wind-induced
self oscillation amplified until supporting
cables failed, resulting in bridge collapse
[1–3].

(b) Kegworth Air Disaster: untested engine
upgrade resulted in high vibrations, leading
to fatigue fracture of turbine fan blades and
engine failure [4].

(c) Galileo Orbiter: lubricants worn away
during transport vibration resulted in an-
tenna deployment failure [5].

(d) Mars Polar Lander: vibrations during
descent triggered touchdown sensor, caus-
ing premature landing thruster shutdown
and loss of lander [6].

(e) ISRO Small Satellite Launch Vehicle D1:
vibrations during stage separation triggered
safe mode, preventing rocket from reaching
intended orbit [7].

Figure 1.1: Notable engineering failures and disasters due to vibration issues.



3

(a) Stiffness modification approach to vibra-
tion mitigation: resonant frequency shifts.
(𝑚, 𝑘, 𝜁) = (1, 𝑘, 0.02)

(b) Damping approach to vibration mit-
igation: resonant amplitude reduction.
(𝑚, 𝑘, 𝜁) = (1, 1, 𝜁)

Figure 1.2: Vibration mitigation approaches demonstrated on 1-DoF mass-spring-
damper system.

increasing the resonant frequency, where the vibration response tends towards no am-
plification for frequencies below the new resonant frequency. This can be achieved
by utilizing more rigid materials or by changing the geometry to increase the second
moment of area.

The second approach is through adding damping, where movement is allowed,
and kinetic energy is converted into heat through dissipation mechanisms such as
anelastic deformation, viscous dissipation, or friction. Removing energy from the
system reduces the amplitude of response (Fig. 1.2b). In general, this is achieved
by incorporating damping devices or materials to the original structure to enhance
survivability.

1.3 Challenges Posed by Space Environment for Vibration Mitigation
This work studies vibration mitigation motivated by the challenge of vibration
management, which is particularly relevant for deployable spacecraft structures.
Presently, rockets stand as the sole means for launching large payloads into space
and, as a consequence, every spacecraft must contend with the excitation loading
inherent to rocket launches. The dynamic loading experienced by a payload during
launch and flight originates from a variety of sources, each presenting a range of
spectra and degrees of severity. These sources include the unsteady combustion of
the engine(s), turbulent atmospheric interactions along the rocket body or arising
from exhaust gases, and shocks induced by explosive devices during stage separation
(Fig. 1.3) [8, 9]. Previous studies estimated that launch vibration accounts for up to
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60% of first-day space failures [10].

Figure 1.3: Sources and spectra of vibration during launch (Credit: SpaceX).

Rockets not only provide the source of excitation but also impose additional con-
straints to the problem-solving approach of reducing vibration response. The fi-
nite dimensions of rocket fairings imposes volumetric limitations on payload size
(Fig. 1.3). Moreover, heavier payloads reduce launch capabilities and orbital range,
ultimately resulting in elevated launch costs.

As a result of these volume and mass considerations, applying the stiffness approach
for response mitigation for spacecraft launch vibrations has strict limits. Structure
size, including any support elements, can only be increased up to the volume limit
of the rocket fairing. Here, adding dedicated supporting elements restricts useful
payload size and raises the proportion of the payload that becomes non-functional,
’dead mass’ on orbit.

Reducing stiffness through base isolation can be attempted; however, launch providers
typically establish lower limits for the first resonant frequency and generally require
an additional frequency separation buffer to guarantee a sufficient margin. This
is done to prevent coupling between the payload and the rocket and also to avoid
interaction with GNC systems [11]. Furthermore, the actual usable envelope for a
payload within a rocket fairing is further limited by the dynamic envelope of the
payload during vibration. This means that throughout launch, the deflection of the
payload due to vibrations must stay within this designated envelope. The increased
compliance from base isolation could result in impact between the payload and the
rocket [12]. For these reasons, base isolation tends not to scale well within the
limited confines of a rocket fairing as the size and mass of the payload increases.
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Shifting to a stiffer, higher modulus material is an alternative, but typically results in
a corresponding increase in the mass of the system. Furthermore, existing materials
impose a maximum limit on achievable stiffness (Fig. 1.4).

Figure 1.4: Material stiffness vs. density.
(Chart created using CES EduPack 2019, ANSYS Granta © 2020 Granta Design)

More fundamentally, the core issue with relying solely on stiffness modification as
a vibration reduction approach depends on the condition that the shifted resonant
frequency is out of band of the excitation spectrum. If the excitation loading
encompasses a broad range of frequencies, the resonant mode may still be excited,
leading to amplification if there is insufficient damping. For these reasons, damping
is a necessary consideration in launch vibration mitigation, particularly after pushing
the stiffness design knob to its limits.

1.4 Vibration Damping State of Practice and Limitations
There are a variety of vibration damping concepts and techniques, each operating
with different working principles and implemented on a spectrum structure scales
(Fig. 1.5). Here, there is a specific emphasis on passive dampers because active
dampers are generally variations derived from the base, passive design. These in-
clude: tuned mass dampers (TMD) (1.5a), tuned liquid sloshing dampers (TLD)
(1.5b), friction-based (1.5c), piezoelectric (1.5d), magnetic (1.5e), viscoelastic
(1.5f), viscous (1.5g), and particle dampers (1.5h).
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(a) Tuned Mass Damper (TMD): secondary
mass moving out of phase with primary struc-
ture [13]. Ex: vibration mitigation: Taipei
101, Taipei.

(b) Tuned Liquid Damper (TLD): secondary
mass moving out of phase with primary struc-
ture [14]. Ex: vibration mitigation: One Rin-
con Hill, San Francisco.

(c) Friction Damper: converts kinetic energy
into heat energy through frictional resistance
generated between surfaces in contact [15].
Ex: vibration mitigation in buildings.

(d) Piezoelectric Damper: applied mechani-
cal stress on piezoelectric material generates
electric charge that is dissipated as heat [16].

(e) Magnetic Damper: currents induced in
conductive material moving within a mag-
netic field opposes motion [17]. Ex: mag-
netic braking.

(f) Viscoelastic Damper: dissipates energy
through deformation of viscoelastic material.
Ex: vibration reduction in sport (archery).

(g) Viscous Damper: dissipates energy
through resistance of viscous fluid. Ex: car
suspensions.

(h) Particle Impact Damper (PID): collision
of particles absorb and dissipate energy [18].
Ex: vibration mitigation in circuit boards.

Figure 1.5: Damping devices and typical applications.
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While these dampers are commonly used in practice, each of these dampers are
subject to one or several of the following limitations:

Trade off Between Stiffness and Damping; Scalability Issues
In general, many of the damping concepts in Fig. 1.5 result in either added mass
or increased compliance, which leads to a reduction in stiffness. In this respect,
stiffness must be traded off for increased damping. Decreased stiffness results
in greater deflection under a given load and also decreases a structure’s resonant
frequency, which can make it easier to excite a resonant mode. These issues are
amplified when considering scalability as the structure size or excitation levels
increase. To maintain or increase damping levels, the mass, size, as well as space
or stroke requirements of most conventional dampers correspondingly increases as
well [19–21].

Excitation Profile Dependence
The damping performance of a number of these concepts is dependent on the
profile of the excitation, such as the frequency content, excitation amplitude, and
loading rate. Several of these concepts are only effective for particular frequencies
or waveforms. This is applicable to the TMD and TLD as well as other damping
devices that need to be tuned or otherwise have frequency dependent responses,
like the piezo damper [13, 21, 22]. An additional issue with the tuned dampers
is robustness to uncertainty, where the performance of the damper depends on the
characterization and stability of both the damper and structure properties in order
to achieve accurate frequency tuning [19, 21–24].

Under non-harmonic excitation, such as random and shock, a number of these
concepts exhibit limited effectiveness in vibration response reduction and may even
result in amplification under certain conditions. These issues are common with the
concepts whose working principle employs an inertial secondary mass due to the
response lag of the secondary mass and corresponding inability to achieve resonance
under non-harmonic or impulsive forcing [19, 25, 26].

Apart from the spectra of the waveform, the performance of certain dampers is
influenced by factors such as excitation amplitude and loading rate. Sensitivity
to both of these factors is commonly seen in viscous type dampers such as air or
hydraulic shocks used in base isolation applications. For these damper types, low
excitation amplitudes may result in inadequate stroke, which doesn’t generate the
necessary pressure in the working fluid for effective dissipation. In addition, viscous



8

dampers are rate dependent, where the damping force is proportional to velocity.
Under high frequencies or loading rates, the limiting behavior of these damping
elements tends towards that of a rigid link, which transmits loads directly to the
structure as opposed to attenuating them [27, 28].

While there are evident challenges associated with the damping performance de-
pendence on excitation profiles, profile independence may introduce its own set
of difficulties. Certain damper types, like common implementations of coulomb-
friction based dampers, exhibit relatively low sensitivity to variations in loading rate
or frequency content [29]. This characteristic could be seen as an additional scaling
concern, as the damping remains fixed and does not scale with the applied load or
does not discriminate between loading spectra.

Environment Dependence: Space Environment
In addition to the aforementioned issues, dampers designed for use in Earth’s atmo-
sphere face significant challenges when applied in the unique conditions of space,
characterized by microgravity and vacuum. The conventional form of common
damper types that are effective on Earth may exhibit reduced performance and re-
liability in the harsh conditions of outer space, requiring careful evaluation and
redesign.

Devices that rely on gravity may not operate or perform as expected in a zero-gravity
environment. Furthermore, devices with fixed or preferred operational orientations
face the challenge of constantly changing orientations relative to the gravity vector
during launch.

Additionally, careful material selection is crucial to prevent contamination due to low
pressure in a vacuum, leading to outgassing and boiling of liquids. Liquid-based
dampers therefore need special pressurization or the use of more exotic working
fluids [28].

Dampers Are Not Intrinsic to the Structure
Although many of these dampers can be generically implemented in a wide range of
contexts and arbitrary structures, the concept of adding damping, underscores that
these types of dampers are not intrinsic to the original structure. Therefore, their
addition results in an increase in mass and complexity of the system.

Particularly in structures for space applications, these added dampers generally
result in an increased fraction of the launch mass that becomes ‘dead mass‘, since
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they have no other function after reaching space where the vibration environment
subsides.

Given these challenges, we pose the question: Is there a category of structures where
the vibration mitigation solution is intrinsic to the structure itself? Here, the aim is to
find a configuration that not only makes use of existing structural elements to create
a damping concept, but also avoids the limitations found in other conventionally
used damper types.

1.5 Motivation
Motivation for this work looks to state of the art deployable structures for space
such as the Redwire Roll-Out-Solar Array (ROSA), JPL Starshade, and the Caltech
Space Solar Power Project (SSPP) [30–33] (Fig. 1.6).

(a) Redwire ISS Roll Out
Solar Array (iROSA)

(b) Habitable Exo Planet
Class Star Shade (HabEX)

(c) Caltech Space Solar
Power Project (SSPP)

Figure 1.6: Recent state-of-the-art deployable space structures: deployed state (not
to scale).

Notably, each of these structure concepts utilize coiling as a packaging architecture
in order to stow these structures to fit within launch fairings (Fig. 1.7).

Figure 1.7: Schematic of coiling as a packaging architecture.
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Here, looking at these structures in the coiled configuration when they are stowed
for launch, we ask whether it is possible to make use of the existing mass and re-
purpose it as multi-functional, by having the coil itself provide an energy dissipation
mechanism for damping (Fig. 1.8).

(a) Redwire ISS Roll Out
Solar Array (iROSA)

(b) Habitable Exo Planet
Class Star Shade (HabEX)

(c) Caltech Space Solar
Power Project (SSPP)

Figure 1.8: Recent state of the art deployable space structures: stowed, coiled state
(not to scale).

In general, coils are tightly wound with a pretension in order to promote good
packing efficiency and prevent coiling defects such as wrinkling, blossoming, and
buckling [34, 35]. Additionally, winding tension also keeps the layers of the wound
roll restrained when subjected to loads, where previous studies have indicated that
varying winding tension affects the degree of interlayer slip observed in a wound
rolls subjected to dynamic loading (Fig. 1.9) [36, 37]. This occurs because winding
tension controls the magnitude of friction forces between each layer (Fig. 1.10).

Interlayer slip is generally perceived as a defect, and rolls of material are wound
tightly during the coiling process to prevent interlayer slip. However, friction,
a non-conservative force, transforms mechanical energy into thermal energy and
extracts mechanical energy from a system. This energy conversion mechanism of
frictional interlayer slip implies the potential to exploit this perceived drawback for
practical purposes in vibration response reduction. Hence, interlayer slip emerges as
a potential, embedded means of providing vibration damping for coiled structures.

In this research, a variant of friction damping that uses a pretensioned, wound roll,
which is referred to as the wound roll damping concept, is proposed. Under this
approach, the roll is wound around a mandrel or spool with a tension that allows
some degree of interlayer slip during vibration. The friction between slipping layers
provides the energy dissipation mechanism, which provides damping to the system
undergoing vibration, thereby reducing the overall level of excitation (Fig. 1.10).
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(a) Axial slip (telescoping) in wound rolls. (b) Torsional slip in wound rolls.

Figure 1.9: Extent of slipping deformations due to dynamic loading controlled by
winding tension.

Figure 1.10: Schematic of Wound Roll Damping concept. Coiling pretension
applies radial preload to wound layers. Radial stresses support interlayer friction
forces that can be used to dissipate energy during vibration.

1.6 Objectives
The goal of this research is to investigate how a wound roll may be used as a
passive, vibration damping device, which utilizes friction as the energy dissipation
mechanism. Here, the aim is to understand not only how this concept works, but
also to assess its efficacy in practical applications. In order to achieve this goal,
there is a set of four research objectives.

The first objective is to understand the physical mechanism of this concept by identi-
fying conditions where slip is or is not expected. This is important to understanding
the behavior regimes of this damping concept. For conditions where slip does occur,
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the locations within the coil that are most likely to slip during vibration need to be
identified. Pinpointing these locations enhances comprehension of the behaviors of
the wound roll damping concept by indicating regions that play a pivotal role in the
damping of energy dissipation. Additionally, determining which regions contribute
most significantly to energy dissipation indicates the specific areas to concentrate
on for experimental measurements.

The second objective of this study is to experimentally assess the effectiveness of
this concept in reducing vibration responses. Here, the goal is to understand how the
vibration behavior of this damping concept varies with different winding tensions
and excitation profiles. The metrics used to compare the vibration responses are
resonant frequency, 𝑓𝑛, and the corresponding damping ratio, 𝜁 .

The third objective is to discover how to model and simulate the behavior of this
damping concept. Developing simple models that are capable of capturing experi-
mentally observed behaviors will confirm understanding of the underlying physics.

The fourth and final objective is to assess whether this damping concept addresses
the issues identified with other types of dampers. It is crucial to comprehend
how its response varies, considering factors like excitation profiles and scalability.
The outcomes of this objective provide insights into versatility, performance, and
robustness of the damping concept.

1.7 Outline
The organization of this thesis is as follows.

This study begins in Chapter 2 with a theoretical framework for predicting slip
locations in a wound roll under vibration. Analytical expressions are employed to
assess the stress state within the round roll that supports interlayer friction forces.
These stresses are used to determine the friction capacity at each interlayer in-
terface, which estimates the amount of stress an interface can support before slip
occurs. The estimates of interlayer slip stress thresholds are combined with nu-
merical simulations of a simplified wound roll under vibration. Initially assuming
no slip (coiled-stiff assumption), the coil is modeled as a continuous solid, using
simulations to identify shear stresses in the coil during excitation. Comparing shear
stress magnitudes obtained from simulation with the friction capacity determines
the incidence and location of slip, allowing identification of configurations with slip
(violating the non-slip assumption) and configurations without slip (validating the
coiled-stiff assumption). The findings of this study inform the design of experiments
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in subsequent chapters.

Chapter 3 presents experimental studies of the wound roll damping concept. These
experiments are performed on a test sample designed using the results of Chapter
2. The sample is wound under a range of winding tensions and subjected to base
vibration using several excitation profiles. The performance of this damping concept
is characterized by measuring the resonant frequency and corresponding damping
ratio for each configuration. The damping measurements are also correlated with
direct measurements of interlayer slip, measured with tracking targets using a high
speed camera, and compared with the predicted locations.

Chapter 4 presents FEA simulation techniques for modeling the vibration of wound
roll damper. The nonlinear, time domain simulations are performed in ABAQUS
dynamic implicit and model frictional slipping interfaces. The frequency response
results from FEA are compared to those obtained from experiments for model
validation.

Chapter 5 presents a numerical approach for modeling the behaviors of the wound
roll damping concept using a reduced order 1D, 2-DoF model. Similar to the FEA
model, the primary damping mechanism in this model is friction contact between
two mass-spring-damper systems. The results of the numerical model are likewise
compared to experiments of the structure for model validation.

Chapter 6 uses the FEA model developed in Chapter 4 to study the performance of
the wound roll damping concept in realistic contexts. Here, the model properties
and geometries are scaled to recent state-of-the-art deployable space structures.

Finally, Chapter 7 concludes this study and discusses potential avenues for future
research.
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C h a p t e r 2

PREDICTING SLIP FOR VIBRATIONS OF COILED
STRUCTURES

2.1 Introduction
Predicting slip within a layered solid, like a wound roll subjected to vibration,
presents a challenge. Depending on the number of wound layers in a coiled structure,
there exists multiple interfaces—ranging from dozens to hundreds—where slip may
potentially occur. Furthermore, a cylindrical object undergoing vibration is unlikely
to have a uniform stress state; the interplay of factors such as the coiled structure’s
effective stiffness and excitation determines the distribution of the applied loading
stresses. As a result, the extent of slip occurrence, both layerwise and axially, is
determined by the combined influence of interlayer friction capacity and resulting
stresses. This can range from no slip to partial slip or full slip.

This spectrum of slip likely results in a range of vibration responses, dependent on
the degree of slip within the coil. Consequently, essential questions arise: What
loads can a tensioned coil sustain without slipping? For loads that cause slip, at
what locations in the roll does slip initiate? How does the vibration response change
with the state of tension or state of slip in the wound roll? Exploring these questions
provides insight on the diverse behaviors of the vibration response of a tensioned
coil under different conditions.

To address these question, the approach is to start with estimating the frictional
shear capacity, which is the maximum stress a frictional interface can withstand
before experiencing slip. The shear capacity in a wound roll is determined by the
combination of contact properties and the radial state of stress applied by the tension
winding process. Thus, this approach requires a model that determines the applied
interlayer stresses as a function of the coiling pretension and the number of windings.

In this research, the structure that undergoes coiling is assumed to be a continuous
sheet with homogeneous properties and uniform thickness. This simplification
allows leveraging existing studies performed in the roll winding industry, which have
created analytical models for the radial stresses at any position inside the coil that
result from tension winding. There exist a number of advanced stress-field models,
that have been validated using experimental measurements of the interlayer stresses
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using compression tests or pressure gauges for a number of materials, which account
for a variety of effects, such as: complex winding tension profiles, residual stresses,
gravity loading, large deformation, finite dimension, and the bending stiffness of
the material undergoing coiling [38–43]. However, in this work, the focus is on the
foundational models, from which all subsequent models are developed from, which
considers the tension winding of a material with negligible bending stiffness [44,
45].

The utility of these stress models in slip estimation in the context of dynamic
loading has been demonstrated experimentally using torsional and vibration loading
[36, 37]. However, these studies were primarily concerned with preventing slip, and
not characterizing the vibration response or damping when slip is allowed. As such,
a comprehensive, experimentally-verified approach to predict the slip and vibration
response of coiled structures under vibration loading is not yet available.

The proposed methodology for predicting the interlayer slip and response of a wound
roll under vibration utilizing the interlayer state of stress from winding is as follows.
From a stress-field based analytical model, the interlayer stresses from coiling pre-
tension values are generated and used in conjunction with a Coulomb friction model
to estimate the interlayer friction capacity. Next, the frictional capacity is evaluated
against the shear stresses observed under vibration loads. This is used to determine
what loads can a tensioned coil support without slip and the locations of slip for
loads where slip is expected.

The stresses applied to a wound roll due to vibration loading can be estimated from
analysis and simulation. From structural analysis, estimates of locations of high
stresses can be obtained, which will indicate areas where slip is most likely to ini-
tiate from. These results are compared with simulation studies, where the model
begins with the assumption that the coil has been sufficiently pretensioned so that
the no-slip occurs, and therefore behaves as a continuous solid. This coiled-stiff
assumption allows finite-element analyses (FEA) to be performed using a homoge-
nized solid representation of a coil, as opposed to modeling the individual layers in
the coil, which is computationally expensive. This approach has seen effectiveness
in simulating slip in dynamic roll hardness impact tests [46], and here it is extended
to vibration loading. For now, this assumption provides no information about the
damping capabilities of this concept, but would show the vibration response in the
limit of no slip.

For the coiled stiff assumption, a natural question arises: what are the effective
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material properties of a homogenized solid coil? Coiling is a process that creates
an object with orthotropic properties. In cylindrical coordinates, the axial and
circumferential stiffnesses as well as the axial-circumferential shear stiffness, 𝐺𝑧𝜃 ,
are related to the in-plane properties of the material undergoing coiling. The other
two components of shear stiffness, (𝐺𝑟𝑧, 𝐺𝑟𝜃), and the radial stack modulus, 𝐸𝑟 , are
affected by the coiling tension and not known a priori.

Experiments and roll quality measurements that quantify a wound roll’s ability to
resist interlayer slip when an external torque or axial loading indicate that the shear
stiffness of the coil varies with location in the roll and with winding tension [36,
47]. While an exact relation between winding tension and the overall effective shear
stiffness of the final wound roll is difficult to obtain, a straightforward approach
simply involves simulating a range of shear stiffnesses.

Because the effective shear stiffness of the roll is expected to vary with winding
tension, even in the absence of slip, it is reasonable to anticipate different vibration
responses between a loosely wound roll and a tightly wound roll. As such, comparing
the simulation results between shear stiffness configurations illustrates how the
vibration response is influenced by winding tension variations.

The proposed slip prediction approach is demonstrated with a case study using the
geometry and properties of a notional structure. First, the state of stress is calculated
for a constant tension winding process, and the friction capacity is estimated. Next,
a simulation is performed where a homogenized solid, which represents the coil, is
attached to an elastic mandrel that is subjected to sinusoidal base excitation. The
output of this model are the stresses in the coil solid, and the directions of interest
are the shear stresses that can induce interlayer slip. If at any point in the coil, the
resultant of the shear stresses is below the frictional shear capacity, then no slip can
occur and the homogenized solid model may be considered as correct. Conversely,
this can also be used to determine at what locations a coil slips when the applied
load exceeds the frictional capacity and the solid assumption no longer applies.

The results of this chapter are used to design a lab-scale wound roll test sample used
in vibration experiments described later in this work.

2.2 Approach for Quantifying Slip Resistance
Interlayer Stresses in Wound Rolls
To determine the interlayer stresses in a wound roll, a nonlinear stress-field model
that accounts for the anisotropy of the coiling process, where the effective radial



17

modulus of a layered solid varies with stack compression, is used. This section will
begin with a brief restatement of the derivation of the stress model as specified in
previous studies [45, 48, 49].

In this model, the wound roll, which in reality is geometrically a spiral, is approx-
imated as a series of concentric cylinders which represent different coiled layers in
order to study the winding process using an axisymmetric approach. Assuming that
stresses within the wound roll are solely dependent on radial position and remain
invariant with respect to axial or circumferential position, the problem is further
simplified by adopting the assumption of plane stress. This allows modeling the
coiling process as adding a series of tensioned rings in 2D. (Fig. 2.1).

Figure 2.1: Approximation of a 2D spiral coil (left) as a series of concentric circles
(right) for axisymmetric analytical treatment.

Examining a segment of a coil wrap allows for the consideration of a free body
diagram in order to illustrate the forces acting on a segment (Fig. 2.2).

Figure 2.2: Coil segment free body diagram.
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Equilibrium of this segment requires that the net forces in the radial and circum-
ferential directions are balanced. Because of circular symmetry, circumferential
equilibrium is automatically satisfied, and only the radial direction needs to be
considered.

The radial equilibrium of the segment couples the radial and circumferential stresses
and is given by:

𝑟
d𝜎𝑟
d𝑟

+ 𝜎𝑟 − 𝜎𝜃 = 0 (2.1)

Similarly, strain compatibility in cylindrical coordinates to ensure no gaps or overlaps
is given by:

𝑟
d𝜖𝜃
d𝑟

+ 𝜖𝜃 − 𝜖𝑟 = 0 (2.2)

The stress-strain constitutive relations for linear orthotropic materials are equations
relating the strain, 𝜖 , stress, 𝜎, moduli, 𝐸 , and Poisson’s ratio, 𝜈, in the radial and
circumferential directions and are given by:

Radial Direction: 𝜖𝑟 =
𝜎𝑟

𝐸𝑟
− 𝜈𝜃

𝜎𝜃

𝐸𝜃
(2.3a)

Circumferential direction: 𝜖𝜃 =
𝜎𝜃

𝐸𝜃
− 𝜈𝑟

𝜎𝑟

𝐸𝑟
(2.3b)

Combining relations 2.1, 2.2, and 2.3 results in the winding equation:

𝑟2 d2𝜎𝑟

d𝑟2 + 3𝑟
d𝜎𝑟
d𝑟

+
(
1 − 𝐸𝜃

𝐸𝑟

)
𝜎𝑟 = 0 (2.4)

Fig. 2.3 shows the geometry for the model of the winding problem under consider-
ation. The state of stress of the coil during the winding process changes with each
additional winding. As such, if 𝛿𝜎𝑟 (𝑟) is the increment in interlayer pressure inside
a roll, which currently has 𝑛 layers and outer radius, 𝑟 = 𝑟𝑛, due to an additional
𝑛 + 1 winding, Eq. 2.4 can be rewritten as:

𝑟2 d2𝛿𝜎𝑟

d𝑟2 + 3𝑟
d𝛿𝜎𝑟
d𝑟

+
(
1 − 𝐸𝜃

𝐸𝑟

)
𝛿𝜎𝑟 = 0 (2.5)

Eq. 2.5 is a second-order boundary value problem subject to two boundary condi-
tions. The first boundary condition states that the radial stress at the current roll outer
radius, 𝑟 = 𝑟𝑛, due to an additional wrapping, is determined by the winding tension
through the hoop stress relation. For a continuous sheet of constant thickness, ℎ, and
negligible bending stiffness, wound with tension that generates an in-line winding



19

Figure 2.3: Winding geometry of a roll with current radius, 𝑟𝑛, with an additional
𝑛 + 1 layer wound with a winding stress, 𝑇𝑤.

stress, 𝑇𝑤, the incremental interlayer stress, 𝛿𝜎𝑟 , of an additional winding is given
by:

𝛿𝜎𝑟 =

[
𝑇𝑤

𝑟

]
ℎ at 𝑟 = 𝑟𝑛 (current outer radius of roll) (2.6)

In principle, this model is general enough to take any arbitrary winding stress profile,
𝑇𝑤 = 𝑇𝑤 (𝑟), but a constant tension stress profile is assumed here for simplicity.

The second boundary condition is an additional statement of strain continuity be-
tween the radial deflections of both the mandrel and the roll at the interface of the
first winding:

𝑟𝑚
d𝛿𝜎𝑟
d𝑟

=

(
𝐸𝑟

𝐾𝑚
− 1 + 𝜈𝜃

)
𝛿𝜎𝑟 at𝑟 = 𝑟𝑚 (outer radius of the mandrel) (2.7)

Here, 𝐾𝑚 is the mandrel stiffness, which relates the applied radial stresses to the
corresponding radial deflection, and is a function of the mandrel material and
geometry. For an isotropic mandrel with material modulus, 𝐸𝑚, Poisson ratio, 𝜈𝑚,
outer radius, 𝑟𝑚, and inner radius, 𝑟𝑖, the mandrel stiffness is given by [49]:

𝐾𝑚 =
𝐸𝑚

(𝑟𝑚/𝑟𝑖)2+1
(𝑟𝑚/𝑟𝑖)2−1 − 𝜈𝑚

(2.8)

In this analytical model for winding stress, the majority of the material properties
are assumed to remain constant during the winding process. However, the radial
modulus of the coiled material, 𝐸𝑟 , is typically assumed to vary with the interlayer
pressure. In experimental settings, the stack modulus of a layered solid is observed to
depend on the number of layers and applied preload, exhibiting distinctive behaviors
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compared to an equivalently sized continuous solid or even a standalone layer [50,
51].

The stress-strain curves of layered solids exhibit nonlinearity, possibly due to varia-
tions in layer-to-layer contact induced by factors such as asperities, air entrapment,
thickness fluctuations, and the bending stiffness of the material. A typical expres-
sion for the radial modulus as a function of the interlayer stresses is derived from
taking the derivative of experimentally measured stress-strain curves, and is given
by [48, 52]:

𝐸𝑟 (𝑟) = 𝐾1𝐾2 + 𝐾2𝜎𝑟 (𝑟) (2.9)

The constants 𝐾1 and 𝐾2 can be determined through experimental measurements or
obtained from materials that have already been characterized.

Because the boundary value problem depends on terms that are functions of radial
position, 𝑟, this problem must be solved numerically. Here, the finite difference
approach described in [45] is used, where a center difference approximation of the
derivatives in Eq. 2.5 is used to generate the incremental winding equation for the
𝑛th winding:

𝛿𝜎𝑟,𝑛+1 [𝐴𝑛] + 𝛿𝜎𝑟,𝑛 [𝐵𝑛] + 𝛿𝜎𝑟,𝑛−1 [𝐶𝑛] = 0 (2.10)

for:
𝐴𝑛 ≡ 1 + (3ℎ/2𝑟𝑛)

𝐵𝑛 ≡ (ℎ2/𝑟2
𝑛) (1 − 𝐸𝜃/𝐸𝑟) − 2

𝐶𝑛 ≡ 1 − (3ℎ/2𝑟𝑛)

For a coil consisting of 𝑁 windings, Eq. 2.10 can be expressed iteratively to obtain a
system of𝑁−1 equations with𝑁+1 unknown interlayer stresses, 𝛿𝜎𝑟,1, 𝛿𝜎𝑟,2, ...𝛿𝜎𝑟,𝑁 , 𝛿𝜎𝑟,𝑁+1:

𝛿𝜎𝑟,𝑁+1 [𝐴𝑁 ] + 𝛿𝜎𝑟,𝑁 [𝐵𝑁 ] + 𝛿𝜎𝑟,𝑁−1 [𝐶𝑁 ] = 0

𝛿𝜎𝑟,𝑁 [𝐴𝑁−1] + 𝛿𝜎𝑟,𝑁−1 [𝐵𝑁−1] + 𝛿𝜎𝑟,𝑁−2 [𝐶𝑁−1] = 0
...

𝛿𝜎𝑟,3 [𝐴2] + 𝛿𝜎𝑟,2 [𝐵2] + 𝛿𝜎𝑟,1 [𝐶2] = 0

Here, 𝛿𝜎𝑟,𝑁 is the incremental radial pressure on the outside of layer 𝑁 − 1.
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The boundary conditions in Eq. 2.6 and Eq. 2.7 provide the necessary additional
relations to solve this system of equations, but must be expressed in discrete form.
Eq. 2.6 can be rewritten directly as:

𝛿𝜎𝑟,𝑁+1 =
𝑇𝑤,𝑁+1

𝑟𝑁+1
ℎ (2.11)

Since there is no layer beneath the mandrel, Eq. 2.7 uses a forward difference
approximation for the derivative instead of a center difference scheme:

𝑟𝑚
𝛿𝜎𝑟,2 − 𝛿𝜎𝑟,1

ℎ
=

(
𝐸𝜃

𝐾𝑚
− 1 + 𝜈𝜃

)
𝛿𝜎𝑟,1 (2.12)

Eqs. 2.11 and 2.12, in conjunction with the 𝑁 − 1 equations written from Eq. 2.10,
form a linear system of 𝑁 +1 equations with 𝑁 +1 unknowns that can be represented
as a matrix:

Ax = B (2.13)

where A is a tri-daigonal matrix containing the coefficients of the center difference
approximation of the winding equation derivatives, x is a column matrix of the
unknown interlayer stresses 𝛿𝜎𝑟,1, ...𝛿𝜎𝑟,𝑁+1 to be solved for, and B is a sparse
column matrix containing the boundary conditions. Eq. 2.13 can simply be inverted
to find the interlayer stresses that arise due to the additional layer.

For a known number of layers and a given winding setup, this stress field model
can be recursively applied, starting from the first layer until the last, to get the
incremental radial stresses at each winding step. If the discrete stresses, found by
solving the system for the 𝑛th winding, x𝑛 = [𝛿𝜎𝑟,1, 𝛿𝜎𝑟,2, ..., 𝛿𝜎𝑟,𝑛, 𝛿𝜎𝑟,𝑛+1], can
be interpolated and represented as a continuous function of 𝑟 as [𝛿𝜎𝑟 (𝑟)]𝑛, the
summation of the contributions of incremental radial stress for each layer gives the
total stress distribution:

𝜎𝑟 (𝑟) =
𝑁∑︁
𝑛=1

[𝛿𝜎𝑟 (𝑟)]𝑛 (2.14)

This provides the methodology necessary to determine the interlayer stresses at any
location within a wound roll that result from the winding process.

The shape of the stress field distribution through the coil is sensitive to the moduli
of the material being coiled. Fig. 2.4 shows a notional comparison between a ’soft’
roll (𝐸𝜃 >> 𝐸𝑟), where the material is much stiffer in tension than in radial, through
thickness compression, vs. a hard roll (𝐸𝜃 ≈ 𝐸𝑟), where the radial and tangential
properties are comparable. Regardless, since the additional winding compresses the
other layers beneath it, the radial stress field in generally will be maximum at the
mandrel interface and tapers outwards for subsequent layers.
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(a) ’Soft’ Roll (𝐸𝜃 >> 𝐸𝑟 ) (b) ’Hard’ Roll (𝐸𝜃 ≈ 𝐸𝑟 )

Figure 2.4: Interlayer radial stress profiles in wound rolls.

Interlayer Friction Capacity of Wound Rolls
The previous section enables the estimation of the state of stress in a wound roll
that arises due to a tension winding process. The compressive interlayer stresses,
𝜎𝑟 , provides the normal reactions which are necessary for two surfaces to support
friction forces. The next required component is a model to describe how these
interlayer normal stresses relate to the friction forces that resist interlayer slip.

Friction is a complex phenomenon, that can demonstrate nonlinear behaviors which
are contingent on various factors such as velocity, preload magnitude, time, and
temperature [53–55]. However, this work utilizes the Coulomb friction model,
which is widely used because it provides a simple way to describe the frictional
forces between two surfaces in relative motion and has demonstrated good predictive
capability in experiments [56, 57].

For two solid surfaces in contact, the friction force between the surfaces that resists
relative motion, 𝐹 𝑓 , is proportional to the normal preload, 𝐹𝑛:

𝐹 𝑓 ≤ 𝜇𝐹𝑛 (2.15)

The constant of proportionality here is the coefficient of friction, 𝜇, which is typically
obtained through empirical measurements.

This relation can be extended to the cylindrical contact surfaces in wound rolls,
using stresses rather than forces. The frictional shear capacity, 𝜎𝑐, is defined as
the maximum stress a layer can support without slip. Under the Coulomb model,
the shear capacity is proportional to the interlayer stress through the coefficient of
friction, 𝜇 [36]:

𝜎𝑐 = 𝜇𝜎𝑟 (2.16)
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Because this model simply linearly scales the stress field model calculated previ-
ously, the variation of the friction capacity through layers follows the same shape
as the stress-field seen in Fig. 2.4. Therefore, the shear capacity is maximum at the
mandrel interface and tapers outwards for subsequent layers.

Shear Resultant Metric
The friction capacity provides the stress threshold that delineates between no-slip
and slip conditions. In order to assess against the threshold, the stress directions that
can induce slip and determine the loading magnitude are needed. The deformation
directions for a wound roll that result in interlayer slip correspond to the out-of-plane
axial and in-plane shear directions (Fig. 2.5). The expected interlayer slip mode for
axial shear, 𝜎𝑟𝑧, is telescoping (Fig. 1.9a), while in-plane shear, 𝜎𝑟𝜃 , can result in
torsion (Fig. 1.9b).

In the analytical stress models, it was assumed that there is no circumferential or
axial variation of stresses, and hence there is likewise no directional variation in
shear capacity at a radial interface. The primary focus here is to determine the
occurrence and location of slip, rather than the specific direction of slip. Therefore,
it suffices to solely assess the magnitude of the resultant stresses at a given point. As
a result, 𝜎𝑠, the resultant of the out-of-plane and in-plane shear stresses at a point
can be calculated from [46]:

𝜎𝑠 =

√︃
𝜎𝑟𝑧

2 + 𝜎𝑟𝜃2 (2.17)

The shear resultant at any point in the coil can then be compared against the estimated
shear capacity at that layer to determine the state of slip:

Slip State =


no-slip if 𝜎𝑐 ≥ 𝜎𝑠
slip if 𝜎𝑐 < 𝜎𝑠

(2.18)

This criterion can now be used in conjunction with analytical models or FEA to
determine where a coiled structure will slip under vibration loading.

2.3 Determining Approximate Locations of Slip Via Analytical Stress Esti-
mates

In order to determine whether slip occurs, the distribution of stresses inside the coil
that result from vibration are required. The mounting configuration considered is
one where the supporting mandrel is mounted in a cantilevered configuration. Here
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Figure 2.5: Shear components of interest for interlayer slip in wound rolls.

the mandrel is base fixed, but the coil is not and is attached only to the mandrel
(Fig. 2.6).

Figure 2.6: Wound roll configuration of interest: roll attached to cantilevered
mandrel, with tip mass, subjected to base excitation.

With the additional constraint that the ends of the mandrel are held to remain circular,
and the likelihood that there is some tip mass bias, the vibration mode of wound rolls
is expected to be a bending mode for a wide range of configurations. As such, this
entire body of work assumes that the primary mode shape of a cantilevered wound
roll under vibration is a bending mode. With the loading state of interest defined,
simple analytical models can be used to predict locations of high stresses.
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Assuming a bending vibration mode, the loading of the wound roll assembly due
to base excitation can be approximated as a cantilever beam with under a uniformly
distributed load and a tip load (Fig. 2.7). Here the beam considered only accounts for
the mandrel, where the stiffness and dimensions of the wound roll are not considered
in the beam properties. Only the inertia of the roll is accounted for in the magnitude
of the uniform loading.

Using this approximation, there is no direct information given for the stresses inside
the wound roll. However, there are closed form analytical expressions for the stress
distributions expected inside the base-fixed mandrel. These distributions can be
used to estimate the traction that the mandrel would apply on the wound roll during
vibration. Since the wound roll boundary conditions are otherwise free, except at
the mandrel interface where the roll is attached, the highest stresses are expected to
occur at that interface and decay outwards.

Figure 2.7: Approximation of wound roll vibration as cantilever beam subjected to
uniform load and tip load.

This combination of loading for a cantilever beam does not result in pure bending,
so shear forces exist. This can be notionally demonstrated in the shear and moment
diagram for this loading in Fig. 2.8.

When considering the failure loads of cantilever beams, two metrics to consider are
the bending and shear stresses. The relations for the bending and shear stresses
as a function of the axial position, 𝑥, and the distance from the neutral axis, 𝑦, is
determined by the distribution of shear forces, 𝑉 , the moment, 𝑀 , and the second
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(a) Moment distribution along the length
of the cantilever beam.

(b) Shear distribution along the length of
cantilever beam.

Figure 2.8: Notional shear and moment diagrams for cantilever beam under uni-
formly distributed and tip loads. Shear and moment are largest at the root.

moment of area, 𝐼. The stresses are given by the expressions in Eq. 2.19 and Eq. 2.20.

𝜎(𝑥, 𝑦) = 𝑀 (𝑥)𝑦
𝐼

(2.19)

𝜏(𝑥, 𝑦) = 𝑉 (𝑥)
𝐼𝑡

∫
𝑦𝑑𝐴 (2.20)

In Fig. 2.8a and Fig. 2.8b, the largest shear and moments are located near the root
for 𝑥 = 0. This identifies the root cross-section as a location of interest for high
stresses. The next step is to determine where, within the root cross-section, are the
stresses highest.

From the bending stress relation in Eq. 2.19, the stress is linearly proportional to the
distance away from the neutral axis through 𝑦. Thus, the highest bending stresses
are expected at the outer surfaces of the mandrel aligned with the loading axis
(Fig. 2.9a). This implies that the interface at the root, between the mandrel and coil,
on the surfaces aligned with the vibration axis is likely to be significant for interlayer
slip.

From the transverse shear stress relation in Eq. 2.20, the term in the integral is the
first moment of area between the location where the shear stress is being calculated
and the neutral axis where the shear stress is zero. In the case of a cylinder, this result
indicates the maximum transverse shear stress occurs at the neutral axis (Fig. 2.9b).
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(a) Locations of highest bending stresses. (b) Locations of highest transverse shear
stresses.

Figure 2.9: Locations of highest stresses for beam bending.

These simple analytical expressions provide an approximate indication of the loca-
tions where slip initiation can be anticipated. More detailed predictions of slip can
be obtained from FEA where the vibration of a wound roll can be simulated and
used to directly compute the stress resultants at every point inside the coil.

2.4 Case Study: FEA Approach to Predict Interlayer Slip
This section, demonstrates the slip prediction approach using FEA by studying the
vibration of a notional structure. The material properties are derived from a coilable
structure currently under development at Caltech, and the geometry is informed by
scaling a portion of the structure to a larger size. First, the friction capacity of the
coiled structure is estimated for assumed winding parameters. Then, the capacity
is compared to the shear stress resultants obtained from a FEA simulation of the
wound roll under vibration loading.

Structure and Mandrel Definition
The structure of interest is a segment of the Caltech Space Solar Power Project
(SSPP) structure called a ’strip’, which consists of an ultra-thin, sparse carbon fiber
structure, with large cutouts, supporting a Kapton membrane (Fig. 2.10) [33, 58].

This study assumes that there is a strip is long enough to form 300 coiled layers
around a 300 mm tall, aluminum mandrel with a 2 cm outer diameter and 1 mm
wall thickness. The outer diameter of the final packaged coil is expected to be
approximately 5 cm (Fig. 2.11).



28

Figure 2.10: Structure of interest: SSPP strip. Representative Volume Element
(RVE) pictured containing carbon fiber elements and Kapton membrane.

The dimensions of the mandrel-coil system are shown in Table 2.1.

Table 2.1: Coiled Structure Geometry

𝑟𝑚 (mm) 𝑡𝑚 (mm) 𝐿 (mm) 𝑡𝑠 (mm)
10 1 300 15

Figure 2.11: Geometry of coiled structure.

Expected Shear Capacity Due to Winding
To determine the shear capacity of the coil using the winding model of interlayer
stress, the structure is homogenized during the winding process as a sheet which
has a uniform thickness, ℎ, that is coiled with a constant winding stress equal to
approximately half the tensile yield stress of Kapton. Additionally, the coefficient
of friction between layers corresponds to the reported values of Kapton-Kapton
coefficient of friction [59].

The chosen winding parameters are shown in Table 2.2 and the assumed coiled
structure material parameters are shown in Table 2.3. Note that the coefficients, 𝐾1
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and 𝐾2 for the nonlinear stack modulus in Eq. 2.9 are obtained from [60], assuming
Kapton has similar compression behavior as polyester.

With these values, and the geometry in Table 2.1, the interlayer stresses as a function
of radial position in the coil are calculated according to the process laid out in Section
2.2 and the capacity is then found by scaling the result by the coefficient of friction
as denoted in Eq. 2.16.

Table 2.2: Winding Parameters

Property Value
Winding stress, 𝑇𝑤 ≈ 0.5𝜎𝑌,𝐾𝑎𝑝𝑡𝑜𝑛 40 MPa

Structure thickness, ℎ 0.05 mm
Number of layers, 𝑛 = 𝑡𝑠/ℎ 300

Coeff. friction, 𝜇 0.48

Table 2.3: Coiled Structure Material Parameters

𝐸𝜃 𝐸𝑚 𝐾1 𝐾2
10 GPa 70 GPa 1 kPa 40 GPa

The shear capacity as a function of the radial position is shown in Fig. 2.12. Here,
the horizontal axis is normalized by the mandrel radius, 𝑟𝑚. Fig. 2.12 indicates as
expected, the innermost layers are expected to have the largest shear capacity, and
hence resistance to slip is largest at the mandrel-coil interface and reduces radially
outward. The shear capacity must now be evaluated against the vibration induced
shear stresses from FEA to determine where slip occurs in the coil.

Homogenized Solid Approximation of Coils for FEA
Rather than modeling discrete windings of the wound structure, which is compu-
tationally expensive, this effort begins with the coiled-stiff assumption where the
coil is assumed to be tensioned sufficiently that no interlayer slip occurs, and it
behaves mechanically as a continuous solid. Thus, the model consists of a ho-
mogenized solid, with material properties calculated from a representative volume
element (RVE) of the structure of interest (Fig. 2.10). The unit cell of the structure
consists of carbon fiber framing supporting a Kapton membrane. Where relevant,
the material properties are calculated according to the weighted mean of all con-
stituent materials, for example in the case of certain moduli, or determined from the
properties of the membrane when its properties are the limiting factor.
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Figure 2.12: Estimated shear capacity of coil wound with constant stress of 40 MPa.

The material properties of this homogenized solid are transversely isotropic to
emulate the orthotropy of a wound roll. Using cylindrical coordinates: 𝐸𝜃 , 𝐸𝑧, and
𝐺𝑧𝜃 are defined by the in-plane properties of the structure of interest. The moduli
that are directly affected by the coiling process are the radial modulus, 𝐸𝑟 , and the
shear moduli, 𝐺𝑟𝑧 and 𝐺𝑟𝜃 . As discussed in Section 2.2, 𝐸𝑟 is dependent on the
number of layers in the stack and increases the more tightly the coil is wound. The
value of 𝐸𝑟 must be found experimentally through compression testing, however
here 𝐸𝑟 = 1%𝐸𝜃 is assumed, which is a typical order of magnitude result from stack
compression experiments on wound roll materials [60].

The remaining unknown moduli that are impacted by the coiling tension are the
shear moduli𝐺𝑟𝑧, and𝐺𝑟𝜃 . As the coiling tension increases, the interlayer frictional
shear capacity also increases, and this should result in a measurable increase in
the shear stiffness of the wound roll. Variation in the effective stiffness of an
object can generally be measured indirectly via vibration testing, as the resonant
frequency correlates with moduli. Thus, in this work, rather than directly measuring
the effective shear stiffness variation with winding tension, changes are assessed
indirectly using the resonant frequency of vibration.

For this study, 𝐺𝑟𝑧 and 𝐺𝑟𝜃 are assumed to be identical, which is consistent with
the assumptions that there is no axial or circumferential variation in shear capacity.
Under this assumption, a range of values are studied to determine the vibration
response sensitivity to shear stiffness for the first study. Next, to determine the
loading stress distribution from vibration for the second study, only one value
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of shear stiffness is needed. Here, the maximum shear stiffness from the range
considered in the first study is selected, which corresponds to the scenario where the
contributions of shear stiffness in this homogenized RVE come from an isotropic
material: 𝐺𝑧𝜃 = 𝐺𝑟𝜃 = 𝐺𝑟𝑧. This condition is considered the maximum theoretical
limit of effective shear stiffness, where regardless of winding tension, the stiffness
of a wound roll is not expected to exceed that of a continuous solid.

The material properties used in this simulation are found in Table 2.4. While
modeling a wound roll as a homogenized solid does not provide information about
damping, these simulations indicate the sensitivity of the vibration response of this
configuration to winding tension in the no-slip regime.

Table 2.4: Homogenized Structure RVE Material Parameters

𝐸𝜃 (GPa) 𝐸𝑧 (GPa) 𝐸𝑟 (GPa) 𝜈𝑖 𝑗 𝐺𝑧𝜃 (GPa) 𝐺𝑟𝜃 , 𝐺𝑟𝑧 (GPa) 𝜌𝑠 (kg/m3)
10.0 5.0 0.1 0.3 1.0 0.1–1.0 1600

FEA Model Setup and Simulation Procedure
The FEA model studies the configuration where the homogenized coiled structure is
supported by an isotropic, aluminum mandrel, fixed in a cantilevered configuration.
The mandrel is defined by the wall thickness 𝑡𝑚, length 𝐿, and outer radius 𝑟𝑚 and is
modeled using S4R shell elements. The coiled structure is defined by its thickness
𝑡𝑠 and length 𝐿 and is modeled using C3D20R solid elements. The structure is
assumed to be perfectly bonded to the mandrel’s outer diameter, but not to the
mandrel’s base (Fig. 2.11).

The finite element software ABAQUS was used to perform two studies. The first
study investigates how the 1st bending mode resonant frequency varies with the
shear stiffness of the coiled-solid. The resonant frequency here is used as an indirect
gauge of the apparent stiffness of the modeled assembly. Loosely wound rolls are
anticipated to demonstrate lower apparent stiffness, which should correlate to lower
resonant frequencies compared to tightly wound rolls.

The second study sets 𝐺𝑧𝜃 = 𝐺𝑟𝜃 = 𝐺𝑟𝑧 to estimate the loads where slip is expected
to occur in a coil under transverse vibration loading. First, a linear frequency analysis
is performed on the assembly, extracting the first 10 modes. This model is then used
in a modal dynamics step, where the transient response is determined using the
extracted modes of the system as a basis. In the dynamics step, the structure is
subjected to sinusoidal base excitation at the first natural frequency of the system



32

in order to subject the assembly to the highest loads, using a span of acceleration
levels from 1 − 15𝑔.

In this model, interlayer slip is not accounted for, so there is no damping in this model
up to this point. However, some level of damping must be included to have finite
acceleration. Here, a modest 2% damping is assumed across all modes. The model
is run for a duration sufficiently long for the maximum displacement of the structure
to reach a steady state. The observed peak shear stress resultant and corresponding
location in the roll during the steady state response is recorded for each acceleration
level and is compared against the shear capacity to determine the regions where slip
would be expected.

Vibration Response Variation With Shear Stiffness
First, the variation in wound roll vibration response with shear stiffnesses is exam-
ined. Fig. 2.13 shows how the 1st bending mode resonant frequency of the wound
roll assembly changes with shear stiffness. Note that for low values of shear stiff-
ness, the bending mode is not the fundamental, i.e., the lowest resonant frequency,
mode. Usually, the lowest mode for low shear stiffness corresponds to either axial
or torsional shear. However, the mass participation factors of these modes is much
lower than the bending mode, so they are discarded.

The red line in this plot corresponds to the case where the coiled solid is removed
from the model, and instead, its inertia is uniformly distributed along the mandrel
as a non-structural mass. This represents the case where the coil is not providing
stiffness to the assembly and behaves only as an added mass. The 𝑦 axis for this plot
is normalized by the resonant frequency of the non-structural mass case.

This plot demonstrates that there is a geometric benefit to coiling. For all shear
stiffnesses considered, the resonant frequency of the wound roll assembly is higher
than that of the non-structural mass case. This result is significant as it indicates the
advantage of using the wound roll as a structural element. Taking into account the
coil geometry leads to improvements in properties, such as increased cross-sectional
area and second moment of area, thereby contributing to enhanced stiffness.

Furthermore, there is a range of low shear stiffnesses, where the variation in response
is minimal, as evidenced by a relatively flat curve. Beyond this range, there is a
critical threshold of shear stiffness where the assembly response becomes notably
more sensitive to increasing shear stiffness. Because shear stiffness is positively
correlated with winding tension, this suggests that vibration response of wound
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Figure 2.13: Variation in bending mode resonant frequency with effective shear
stiffness of coil.

rolls can vary significantly with winding tension. This property is exploited in a
later section for experimental design. To proceed to the second FEA study, only
one value of shear stiffness is needed. Here, the largest value of shear stiffness in
the range considered is selected, which corresponds to the most tightly wound, slip
resistant roll.

Locations of Slip Within a Coiled Structure Under Vibration
In the second study, the coiled stiff structure is subjected to base vibration with
a range of excitation levels at the assembly’s natural frequency, 𝑓𝑛 ≈ 100 Hz,
where resonance is expected to exhibit the highest loading. The stress components
extracted from the vibration simulation are used to compute the stress resultant at
every point in the roll. The stress resultants are then consolidated into a histogram
and plotted against the axial and position in the coil, shown in Fig. 2.14, to identify
regions of high shear stresses. Superimposed on these plots is the maximum shear
capacity at the corresponding radial or axial position estimated previously. Note
that the shear capacity was assumed to vary only radially, and is invariant to axial
position. Thus, in the axial direction, the maximum shear capacity curve is constant,
as denoted by the red horizontal dotted line in Fig. 2.14a. The horizontal axis of
the axial distribution plot in Fig. 2.14a is normalized by the length of the assembly,
𝐿 = 300 mm. The horizontal axis of the radial distribution plot in Fig. 2.14b is
normalized by the radius of the mandrel, 𝑟𝑚 = 10 mm. The vertical axis of both
plots is normalized by the maximum shear capacity, max(𝜎𝑐).
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(a) Shear stress resultant distribution with ax-
ial position in roll.

(b) Shear stress resultant distribution with ra-
dial position in roll.

Figure 2.14: Shear resultant histogram by location in the coil under varying excita-
tion levels.

In the axial direction, the maximum stresses are at the base of the structure
(Fig. 2.14a). This is consistent with the initial analytical estimates, where the
highest moments and shear stresses are at the base. In the radial direction, the
maximum stresses are at the mandrel interface (Fig. 2.14b). These results confirm
that the innermost layers, towards the root of the coil, are subject to the highest
vibration induced shear stresses.

To identify the slip locations, the stress resultants’ magnitudes can be assessed
in comparison to the shear capacity. Whenever the stress curves exceed the red
shear capacity limit lines in Fig. 2.14, slip is expected to occur. For magnitudes
of excitation less than approximately 5𝑔, no slip is expected anywhere. This result
indicates that there exist combinations of load, friction, and structural response
configurations where modeling a coil as a homogenized solid may be considered
a valid assumption. For a given loading, the extent of slip can be modulated by
varying the coiling tension or the coefficient of friction between layers to raise or
lower the shear capacity.

To more precisely pinpoint the slip locations, the stress components from the bot-
tommost cross-section of the coil, which experiences the highest moments and shear,
can be displayed. The contour plots in Fig. 2.15 depicts the magnitude of extracted
stress components at the root of the coil due to 15𝑔 excitation, normalized by the
maximum shear capacity.

Observe that the highest stresses for both components of shear are at the coil-mandrel
interface and decay outwards. The maximum out-of-plane axial shear stress, 𝜎𝑟𝑧,
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(a) Out of plane shear components 𝜎𝑟𝑍 . (b) In plane shear components 𝜎𝑟 𝜃 .

Figure 2.15: Contour plots of stress components at the bottom cross-section of the
coil due to 15g sinusoidal loading.

shown in Fig. 2.15a is almost twice as large as the maximum in-plane shear stress,
𝜎𝑟𝜃 shown in Fig. 2.15b. This indicates that the bending mode of vibration is
more significant for slip initiation than transverse shear. Despite this, the effect of
transverse shear through 𝜎𝑟𝜃 extends for a larger radial distance in the coil, which
indicates that a relatively larger number of layers are affected by in-plane shear due
to vibration loading (Fig. 2.15b). These locations are consistent with the predictions
from analytical estimates, which identified the surfaces aligned with the excitation
direction as well as the neutral axis as locations of interest.

The FEA of the coiled-stiff model suggests that, despite exhibiting the highest inter-
layer stresses and consequently the highest expected slip resistance, the innermost
layers near the root are prone to slipping first. This result highlights these areas as
locations of particular interest when evaluating slip in wound rolls, whether for engi-
neering these surfaces to enhance slip damping performance or to prevent interlayer
slip.

2.5 Experiment Design for Sensitivity to Coiling Tension
The findings of this section indicate two key results that are relevant for designing an
experiment to study the vibration response of this damping concept. The first is that
winding tension can have a significant effect on the vibration response of a wound
roll, as measured with resonant frequency. The second is that the locations of slip
are expected to initiate from a relatively small region. These results suggest that
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the behaviors of this damping concept can be studied on a wound roll that contains
relatively few number of windings.

For a small scale experimental study, a mandrel-coil assembly that is highly sensitive
to coiling tension variation is desired in order to provide the largest disparity in
resonant frequency of vibration. This allows for clear differentiation between the
responses of ’loosely’ and ’tightly’ coiled states. The previous FEA framework
is reused to repeat the sensitivity analysis of the vibration response performed in
Section 2.4 to design a test sample for experiments.

For simplicity, the coiled material for this experiment was chosen to be 25 layers of
continuous Kapton membrane. The number of layers selected here was motivated
by considerations for subsequent experiments, and involved a compromise between
opting for the minimum number of layers for convenience, while ensuring an ad-
equate number of layers to capture interesting behaviors. The material properties
of Kapton employed in the simulation are detailed in Table 2.5. In this study, the
Kapton is assumed to be isotropic (𝐸𝜃 = 𝐸𝑧) and a range of in-plane moduli is
considered to encompass the various reported values of Kapton properties [61–63].
As before, the radial stack modulus, 𝐸𝑟 , was assumed to be 1% of the maximum
in-plane moduli considered.

Table 2.5: Kapton Parameters

𝐸𝜃 (GPa) 𝐸𝑧 (GPa) 𝐸𝑟 (GPa) 𝜈𝑖 𝑗 𝜌𝑠 (kg/m3) ℎ (mm)
2.5–4.0 2.5–4.0 0.04 0.35 1400 0.05

Since the shear moduli are not directly measured, a range of values is considered up
to the isotropic limit: 𝐺𝑟𝜃 = 𝐺𝑟𝑧 = 𝐸

2(1+𝜈) for 𝐸𝜃 = 𝐸𝑧 = 4.0 GPa. The disparity in
resonant frequency, Δ 𝑓 , is defined as the difference between the natural frequency
corresponding to the minimum value of shear moduli required to have a fundamental
bending mode, and the natural frequency obtained with shear moduli equal to the
isotropic limit.

In order to design this experiment, only the modal frequency extraction step of the
coiled-stiff FEA model was reused to help choose a mandrel that would be most
sensitive to changes in the winding tension of the selected membrane and number
of windings. A range of mandrel materials and geometries was considered, and the
most sensitive configurations corresponded to mandrels with lower modulus and
thinner wall thickness. Selecting a mandrel of lower stiffness, closer to the stiffness
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of the coiled material under test, and thinner wall thickness allows a limited number
of windings to have a more pronounced effect.

Fig. 2.16 shows how the disparity in resonant frequency varies with mandrel radius
and mandrel wall thickness for polycarbonate mandrels. This material was selected
for its modulus, which is the most similar to that of Kapton among the materials
considered. Fig. 2.16 also demonstrates that the frequency disparity increases with
mandrel diameter. The significance of this result is that if the wound layers actually
behave as a solid, the added layers from coiling effectively augment the thickness
of the mandrel, resulting in increased stiffness. This suggests that the stiffening
effect associated with the coiling scales with the size and stiffness of the structure
being coiled. The geometry and material property used in simulation to design the
mandrel are presented in Table 2.6. As a result of this design study, a polycarbonate
mandrel was fabricated from stock material and sized to fit the physical extents and
measurement bandwidth of the experimental test setup. The experiment is described
in detail in the next chapter.

Figure 2.16: Expected wound roll resonant frequency disparity with mandrel radius
and wall thickness for polycarbonate mandrels. Mandrels with larger radius and
thinner wall thicknesses provide the largest expected disparity with winding tension.

Table 2.6: Mandrel simulation design geometry and properties

𝑟𝑚 (mm) 𝑡𝑚 (mm) 𝐿 (mm) 𝐸𝑚 (GPa) 𝜌𝑚 (kg/m3)
40 1.6 300 2.7 1200

Fig. 2.17 shows the variation in resonant frequency with shear stiffness for the
selected experimental configuration. Additionally, the resonant frequency of the
mandrel by itself without the coil is plotted as well. Note that these results include
a 0.05 kg tip mass that was added to the mandrel to bias the resonant frequency to
a lower range.
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The expected disparity between the loosest and tightest possible configurations is
between 30 − 50 Hz, depending on the actual modulus of Kapton. For effective
shear stiffnesses below approximately 1 MPa, the resonant frequency of the roll
assembly is lower than that of the mandrel by itself. This indicates that the roll does
not provide significant stiffness to the assembly in low winding tension regimes, and
behaves more as an added mass.

However, for sufficiently large values of shear stiffness, i.e., coiling tension, the res-
onant frequency of the wound roll assembly can exceed that of the mandrel alone.
If this increase in stiffness is observed experimentally, this would demonstrate an
advantageous property of this concept, where the geometric benefits of coiling are
leveraged to provide stiffness to the system in addition to damping. The potential
advantage is particularly exemplified by the choice of wound material here. In this
application, this data suggests that the coiling process imparts structural integrity
to the Kapton membrane, which, when unsupported, lacks the ability to withstand
compression. However, coiling combines the influence of numerous layers to pro-
vide out-of-plane support for each layer in the roll. Consequently, the geometry
of coiling is capable of turning even films into structural elements that contribute
stiffness to the system, instead of merely adding non-structural mass.

Figure 2.17: Variation in stiffness with shear stiffness (coiling tension). The shaded
area corresponds to the uncertainty in the in-plane moduli of Kapton.

2.6 Conclusion
A method for estimating the slip resistance at any location in a tensioned, wound roll
using shear capacity estimates derived from the interlayer stresses was presented.
This methodology is demonstrated using an FEA model of a notional coiled structure
supported by a cantilevered mandrel. The locations of maximum shear stresses from
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FEA are consistent with expectations of elementary structural analysis, and indicate
the locations where slip is expected to initiate from during vibration loading. If
the vibration mode of a cantilevered wound roll structure is a bending mode, slip is
expected to occur at the root, near the interface between the first wound layer and
the mandrel.

Analyzing stress variations across different excitation levels indicates that there are
combinations of friction properties, preloads, structure characteristics, and exci-
tations where vibration stresses are projected to remain below the shear capacity
everywhere in the wound roll. Consequently, in these instances, no slip is antici-
pated within the coil. This outcome suggests regimes where modeling the coil as
a homogenized solid could be deemed a valid assumption. For a given structure
configuration, increased excitation levels can cause the response to transition from
’no-slip’ to ’slip’. This suggests a discriminatory behavior of this concept: ’activa-
tion’ of this damping concept occurs selectively, responding only when necessary
for sufficiently high loads.

Finally, the findings of this chapter suggest that an observable distinction in vibration
response is expected between ’loosely’ wound and ’tightly’ wound rolls, as assessed
through resonant frequency measurements, which is used as an indirect measurement
of the effective stiffness of the wound roll. This implies a potential advantage of
the wound roll damping concept: harnessing the geometric benefits of coiling for
integral stiffness adjustment, offering a more scalable approach to vibration response
mitigation. The results of this study are exploited in order to design a test sample
for lab-scale experiments.
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C h a p t e r 3

WOUND ROLL VIBRATION EXPERIMENTS

3.1 Introduction
The slip prediction methodology discussed in the previous chapter provided an esti-
mation of the slip locations inside a wound roll during vibration and the anticipated
variation in vibration response with winding tension in the limit where no slip is
expected. This was used to design a test sample that would, in theory, show high
response sensitivity to winding tension for a limited number of wound layers. Using
this test sample, two sets of experiments are performed to investigate the no-slip and
slip regimes. The objective of these experiments is to understand the variation in
vibration responses indicated by the initial findings of the previous section, as well
as to determine the vibration reduction effectiveness of this damping concept.

No-slip Regime: Stiffness Variation
The simulation model used previously assumed that the notional structure in the
coiled configuration behaved as a solid with an assumed value of shear moduli,
𝐺𝑟𝑧 and 𝐺𝑟𝜃 , which are related to the tightness of the winding. The utility of the
vibration simulation results that indicate regions and load levels where slip occurs is
contingent upon the validity of the coiled-stiff model in two aspects. First, that a non-
continuous, layered solid that does not undergo slip can dynamically demonstrate
the same behavior as a continuous solid. Second, that the range of variation in
effective shear stiffness considered is achievable with realistic coiling tensions and
contact interactions.

To confirm these two aspects in experiments, the variation in effective shear stiffness
of the wound roll assembly with winding tension is measured indirectly using
the fundamental frequency of vibration. For these experiments, the structure is
intentionally excited at low amplitudes to bias the response of the wound roll towards
the no-slip regime for the test structure and range of winding tensions achievable.
If the span of fundamental frequencies of the coil system across a range of winding
tensions matches that of an equivalently sized solid, then the treatment of the roll as
a continuous solid can be considered valid.
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Slip Regime: Damping Effectiveness
After studying the behavior of the wound roll damping concept in the no-slip regime,
the response in slipping regimes can be studied to assess the damping efficacy. This
is done by performing modal characterization of a wound roll assembly using a
sine sweep test in order to determine how the frequency response of the test sample
varies with winding tension. Damping is extracted from the experimental frequency
response spectrum by using the half-power bandwidth method on the first peak
acceleration response.

The performance of this damping concept is also characterized for additional types
of loads, such as random vibration and impulsive shock loading. In many practical
applications, loads experienced by materials or structures are not constant but vary
randomly due to factors such as changing environmental conditions or operational
variability. Thus, this set of experiments is performed to check how this damper
operates in more realistic loading conditions, in order to assess excitation profile
dependence.

Finally, to confirm that interlayer slip is the mechanism for energy dissipation, layer
slip is measured experimentally. Comparing measured slip locations against simu-
lated predictions is done to confirm understanding of how the vibration dynamics
dictate the active regions within the coil for the wound roll damper concept. To
measure slip, reference tracking targets are placed at several locations along the
length of the mandrel. As a single, continuous membrane is wound around the
structure, additional tracking targets are placed on alternating layers, concentric to
the base reference targets. The wound roll is then excited using a sine dwell test at
the natural frequency of the assembly, and a high speed camera captures the position
of the tracking targets. Measurements are performed both axially and transverse to
the axis of vibration. The high speed camera images are processed by identifying
the centroids of the targets, where the difference between the layer target and the
reference indicates slip relative to the base structure, and the difference between
layer targets indicates interlayer slip.

3.2 Wound Roll Test Sample Preparation
Wound roll Test Sample Description
The vibration test sample consists of one continuous sheet of 2 mil thick Kapton®HN
membrane, sufficiently long to wind 25 layers around the selected polycarbonate
mandrel via a winding machine. The materials and geometry of this experiment
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were chosen so that a relatively small amount of layers would have a sizeable impact
on the structural response of the system. Note that the stiffness and mass of the
constituent materials of the mandrel and membrane are approximately equal.

The mandrel consists of a polycarbonate tube, approximately 80 mm in diameter
that is fitted with an aluminum mounting base at the root and with a plastic, 3D
printed PLA spool end cap at the tip. The spool cap is epoxied into the mandrel
at the tip, and the mandrel base is epoxied into the aluminum plate. The mandrel
was sized so that the height of the mandrel extending past the 6 mm (1/4") thick
aluminum plate was 300 mm (Fig. 3.1).

The plastic spool cap and the aluminum base have several functions. The aluminum
plate has a mounting pattern for both the winding machine and vibration table. Both
of the mandrel end features serve as spool flanges to ensure membrane alignment
during winding and prevent excess axial shifts of the membrane due to slip. The
spool cap also incorporates features to support the tip end of the mandrel during
winding operations. Additionally, both end features also prevent ovalization of the
tube during winding or vibration. Finally, the plastic spool cap also provides a
tip mass to reduce the resonant frequency of the assembly to a range that can be
more finely resolved by the measurement system and leads to more economical
computation time for later simulations.

(a) Mandrel components and assembly. (b) Mandrel dimensions and locations of
mandrel fixed tracking targets.

Figure 3.1: Mandrel components, construction, and dimensions.
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Test Sample Assembly Procedure and Preload Measurement
A constant tension winding machine was built to perform the winding-rewinding
operation. The machine consists of a center winding process that is driven by the
rotation of the mandrel, where Kapton film is wound from the membrane roller
onto the mandrel (Fig. 3.2). Both the mandrel and membrane roller are driven by
brushed DC motors. The central motor is a GW600 DC 12V 10RPM motor with
an integrated worm gear train, rated for approximately 12 Nm torque. The motor
powering the membrane roller is a Maxon DCX22S motor with an integrated Maxon
GPX22UP 186:1 planetary gearhead. The central winding motor operates under
constant voltage (speed), and the membrane roller operates under constant current
(torque). For this winding setup, the membrane roller is being backdriven, where
the torque of the central winding motor overcomes the winding motor to unspool
membrane from the roller with tension.

Figure 3.2: Constant tension winding machine. Winding is driven by the winding
motor, which rotates the mandrel to unspool membrane from the membrane roller
with tension. The membrane roller is attached to an Instron machine to measure
winding tension via a load cell.

Before winding on the Kapton membrane, circular reference tracking targets are fixed
to the mandrel surface at several locations near the base of the mandrel (Fig. 3.1b).

To start the winding process, one end of the membrane is attached to the mandrel
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using tape (Fig. 3.3), and the membrane is then wound over the initial reference
targets. During winding, circular ring targets are placed on subsequent alternating
layers, concentric to the reference targets (Fig. 3.3, Fig. 3.4a). After coiling is
complete, the free end of the membrane is fixed to the outer surface of the roll with
tape (Fig. 3.3).

The tracking targets are made of masking tape, and are visible through the transpar-
ent mandrel and Kapton membrane when the wound roll is internally illuminated
(Fig. 3.4b). The internal surface of the mandrel was covered with aluminized Mylar,
which creates a mirrored surface that focuses the internal illumination onto a narrow
section of the test sample containing the line of targets. This is done in order to
increase signal strength during high speed camera measurements.

Figure 3.3: Kapton winding start/termination scheme with tape: leading edge fixed
to mandrel, trailing edge fixed to roll outer surface. Mandrel and layer targets shown.

Initially, an attempt was made to directly measure the state of stress of the roll
using Tekscan A-201 FSR flexible pressure sensors inserted at the beginning of
winding at the mandrel interface, under the first layer (Fig. 3.5). Force Sensitive
Resistors (FSR), are piezo-resistve elements that convert changes in force to changes
in resistance. The changes in resistance are converted to a voltage using devices
such as the voltage divider analog circuit module from the Tekscan FlexiForce
Prototyping Kit in order to be read by a DAQ device. These sensors have seen
successful use in measuring interlayer stresses in wound roll in previous studies
[64].

However, it was observed that the response of the sensor was highly sensitive to the
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(a) Polycarbonate mandrel with reference
tracking targets and layer targets. Positions
of layer targets not to scale.

(b) Layer tracking targets illuminated by in-
ternal light source.

Figure 3.4: Wound roll damper test sample.

Figure 3.5: Tekscan A-201 FSR Sensor.

stiffness of the interface being compressed. Because different interface materials,
especially more compliant ones, can affect results, it is generally recommended to
calibrate the FSR and measurement system with setups that emulate the stiffnesses
that will be experienced by the sensor in the measurement application [65]. In this
particular case, the measured voltage and applied load calibration using an Instron
testing machine did not appear to be consistent when the sensors were used on
the much more compliant interface of the hollow cylindrical mandrel-Kapton layer
system. Unfortunately, attaining in situ calibration within the wound roll poses
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a challenge, given the absence of a clear method that avoids interfering with the
measurement.

The responsiveness of the sensor was capable of distinguishing between different
preload levels in a relative sense, but consistent knowledge of the absolute preload
was not obtainable in this setup. There are other methods of measuring interlayer
stresses of a wound roll, both indirect and direct, such as pull tabs, roll hardness
testers, and acoustic testing, however these were deemed infeasible for the low
number of layers in this particular experiment [48, 49].

As such, the winding tension was directly monitored using an in-line force sensing
load cell (Fig. 3.2). In order to achieve both approximately constant tension over the
entire winding process and maximum tension differentiation between membrane
roller current setpoints, the central winding motor voltage was set to 6 V. The
membrane roller motor voltage was held constant at 10 V, and the winding current
was varied from 0 mA to 1000 mA. For the 0 mA case, the membrane roller was not
only unpowered, but was also unplugged, which removed the braking effect due to
back EMF so that only a minimal amount of load is applied to the membrane through
backdriving the membrane motors’ gearbox. Fig. 3.6 shows the characterization
study that was used to select these operating points. Setting the winding motor
voltage to 6V achieves the best performance in delineating the measured in line
tension between roller current settings.

The coiled roll was assembled using a range of different membrane roller currents
using this winding process, and resulted are parameterized by the measured winding
tension.

3.3 Vibration Experiment Setup and Test Procedure
The preloaded, coiled assembly was then placed on a vibration table, and a retro-
reflective tracking marker was placed at the tip of the assembled roll as well as on the
shaker head as depicted in Fig. 3.7. The retroreflective tracking markers were used
in concert with a Polytec PSV-500 Laser Scanning Vibrometer, which provided a
non-contact measurement method that was preferable over accelerometers to avoid
affecting the vibration response.

Vibration Response Experiment Procedure
The vibrometer was used to control the vibration table in order to study the behavior
of the wound roll under different excitation profiles. Sine sweep was the primary
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Figure 3.6: Measured winding tension variation with winding motor voltage (wind-
ing speed) and membrane roller current (MRC ~ tension). Error bars comprise both
the variability observed across three trials and the within-trial variations. Most clear
tension delineation between MRC setpoints and consistent mean winding tensions
with the winding motor operating at 6 V.

Figure 3.7: Vibration experiment of a wound roll.

excitation profile used for measurement of wound roll response and performance
characterization using the metrics of damping and resonant frequency. The other
profiles used in this experiment, including sine dwell, random, and shock, are used
because they reflect more realistic loading cases. The sweep is run from 5 to 300 Hz
for a 45 second duration. The chosen frequency range was selected to encompass the
resonant frequency of the mandrel by itself ( 𝑓𝑛,𝑚𝑎𝑛𝑑𝑟𝑒𝑙 ≈ 150 Hz), and any potential
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frequency shifts with winding tension indicated in the previous chapter. Notably,
this corresponds to a relatively fast sweep rate (𝑅 ≈ 8 oct/min), which initially raised
some concerns about affecting the modal response.

In sine sweep vibration simulations of single degree of freedom (1-DoF) models, the
sweep rate is observed to potentially impact estimates of the resonant frequency and
damping, causing them to deviate from the steady state response [66]. Experimen-
tally, the effect of sweep rate was explored, but did not appear to impact estimates
significantly. An explanation for this observation is that sufficiently damped sys-
tems are relatively insensitive to sweep rate. Fig. 3.8 demonstrates the permissible
exponential sweep rate, normalized by the resonant frequency, for the response of a
1-DoF system to approach 90% of the expected steady state response as a function
of the damping in the system [67]. Fig. 3.8 indicates that, even for modest levels
of damping, if the resonant frequency is sufficiently high, the system can support a
relatively high sweep rate without significantly affecting the response.

Figure 3.8: Maximum sweep rate, 𝑅, normalized by natural frequency, 𝑓𝑛, for 1-DoF
swept response level to approach 90% of steady state response.

A more stringent constraint that determined the sweep rate for this experiment was
the sampling duration set by two settings on the Polytec Vibrometer software: the
number of FFT lines and measurement bandwidth. The selected sweep rate was
a compromise to get as high of an FFT sampling resolution possible to get good
frequency response resolution while ensuring that the sampling duration covered
the entire excitation duration. As a contingency, the vibration responses obtained
from non-harmonic loading types like random and shock provide additional data,
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unaffected by sweep rate, to corroborate observed trends and behaviors observed
under sinusoidal loading.

In all test cases, the acceleration spectrum of the tip tracking marker and the vibration
table shaker head marker are recorded in order to provide acceleration transmissibil-
ity response curves. Damping is estimated from the experimental transmissibility
spectrum by using the half-power bandwidth method on the first peak acceleration
response, which corresponds to the natural frequency of the wound configuration
(Fig. 3.9):

𝜁 =
1
2
Δ 𝑓3𝑑𝐵
𝑓𝑛

(3.1)

Before each test, a low level sine sweep is performed to characterize the initial
behavior of the wound roll. This characterization is repeated at the end of testing
to ensure that no damage has occurred to the roll. In general, outside of cases
where damage to the test sample was confirmed, no significant variation between
pre-testing and post-testing responses was observed.

Figure 3.9: Half-Power ’3 dB’ Method to estimate damping from transmissibility.

3.4 Vibration Experiment Results
Vibration Response in No-slip Regime
The fundamental frequency of the wound roll assembled under different winding
tensions was recorded for a range of excitation levels using random excitation. In
this set of experiments, random excitation was selected for efficiency in quickly
measuring the response of a test configuration under varying excitation levels and in
order to make consistent comparisons. Random vibration excites all modes within
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the selected spectrum simultaneously, eliminating the need to perform a sine sweep
for each tension and excitation level configuration to determine whether a resonant
frequency shift had occurred. As amplitudes are also random, the responses are
subsequently time-averaged to obtain the mean response before comparison.

The recorded resonant frequency is plotted against the measured tip acceleration and
is shown in Fig. 3.10. In addition, the vibration response of the mandrel by itself,
excluding the wound roll, is depicted. The figure includes an overlay of the coiled-
stiff FEA model’s predictions in green, specifically for frequencies surpassing the
mandrel-only response.

For this study, two sets of wound roll response data are presented in Fig. 3.10,
corresponding to different interlayer surface treatments. The first, corresponds to
bare, uncoated Kapton, which is considered the baseline case. The second set
of data corresponds to a Kapton roll that has been treated with temporary spray
adhesive (Sulky KK2000) to increase the coefficient of friction, which is intended to
illustrate the effect of varying the interlayer contact properties. The investigation of
treated Kapton is only performed in this set of experiments. All other investigations
discussed in later sections study untreated Kapton.

Figure 3.10: Resonant frequency variation of wound roll with winding pretension
and contact properties.

Looking at the mandrel-only system, note that the stiffness is approximately constant,
irrespective of excitation level. This demonstrates that the mandrel fixture will
provide a useful baseline comparison, and any deviation in vibration behavior results
from the contribution of the wound roll.
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For the wound roll data with uncoated Kapton, the resonant frequency of the wound
roll increases with winding tension. Furthermore, the span of measured resonant
frequencies is well within the expected range predicted from the coiled-stiff assump-
tion, demonstrating the utility of the FEA model. The shifts in resonant frequency
indicate that the roll can provide meaningful adjustment to the effective stiffness of
the overall assembly with winding tension.

While the mandrel-only resonant frequency was invariant with the excitation level,
the coil-mandrel assembly natural frequency tends to decrease with increasing ac-
celeration. However, increasing winding tension reduces the sensitivity to the
excitation level. Despite the reduction in effective stiffness with higher excitation,
the assemblies wound at larger tensions maintain a higher fundamental frequency
than the unloaded mandrel by itself, indicating that the coil windings are providing
structural support. This is in contrast to the most loosely wound case, where the
resonant frequency similarly started above the mandrel-only response. However, for
sufficiently large acceleration, the assembly stiffness decreases below the mandrel-
only level, behaving more like an added mass. The most probable explanation for
the response variation is the degree of interlayer slip, where the most loosely wound
case studied here experiences greater extents of slip for the same excitation levels.

For the wound roll data with modified contact properties, the response differentiation
between winding tension variation is decreased. For the same range of winding
preload and excitation levels, the wound roll data with treated Kapton demonstrates
stiffer responses, characterized by higher frequencies. Additionally, there appears
to be a saturation effect, where there is no significant variation in response after a
critical preload level. The maximum recorded resonant frequency of the test cases
with increased interlayer friction remains within the predicted frequency range of
the coiled-stiff model. This indicates that the isotropic limit used in the coiled-stiff
FEA model is a useful upper bound.

The results of this experiment suggest that the simplification of treating a tightly
wound roll as a continuous solid is a useful approximation, but its applicability may
be limited when excitation levels are sufficiently high to cause significant interlayer
slip. The critical load level may be controlled by modifying the winding tension or
the contact properties between layers. Moreover, this experiment validates the idea
that wound rolls can provide substantial stiffness modification with winding tension.
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Vibration Response in Slip Regimes
Sine Sweep: Vibration Response Characterization

For the next set of experiments, the vibration response of wound rolls in slipping
regimes is studied to assess damping characteristics. Here, an exponential sine
sweep is used to obtain the frequency response spectrum. For this set of tests, the
excitation amplitude is fixed and the target input acceleration at base was chosen
to be 5 m/s2 (approximately 0.5𝑔), which is a typical amplitude for experimental
modal characterization.

The frequency responses of the wound roll with different winding tensions are shown
in Fig. 3.11a. The natural frequency, 𝑓𝑛 and damping estimate, 𝜁 , are extracted from
each curve. The damping of the wound roll plotted against the measured natural
frequency of the wound roll is shown in Fig. 3.11b. The response and damping of
the mandrel by itself is also shown in these figures.

From these plots, there appears to be an approximately bimodal response between
’loosely’ wound and ’tightly’ cases for the range of winding tensions studied. For low
winding tensions, the response curves demonstrate a positive skew, which reduces
as tension increases. On average, significant variations in winding tension yield
clearly distinguishable responses. However, it is important to acknowledge that there
is variability in discerning responses by winding tension magnitude. As illustrated
by the scatter in Fig. 3.11b, for the same apparent winding tension, the vibration
response is not necessarily consistent and variations are not necessarily monotonic
with winding tension. Additionally, with the specified sample preparation procedure
and excitation level, the vibration response appears to tend towards saturation at
either extremes of winding tension levels. Regardless of how loosely the structure is
wound below approximately 20 N winding tension, there is no additional variation in
response. Similarly, for tightly wound structures, after approximately 50 N tension,
no further significant variation in response is achieved with increasing tension.

A possible explanation for the response saturation is that the degree of interlayer slip
for the tested configurations has reached a limiting value. At a constant excitation
level for these test cases, the extent of interlayer slip can only propagate so far when
wound loosely or be constrained so much when wound tightly. This idea is explored
in later experiments when a larger range of excitation levels is considered. Another
likely explanation is the variability in the winding process during the assembly of
test samples and challenges in precisely controlling incremental changes in winding
tension from one test to another. Despite this limitation, the difference in stiffness,
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(a) Transmissibility response spectrum.

(b) Damping variation with winding tension.

Figure 3.11: Wound roll damper frequency response and damping variation.

amplitude of response, and damping are large enough between ’loosely wound’ and
’tightly’ wound configurations that conclusive statements can be drawn.

For configurations wound at lower winding tensions, the assembly exhibits reduced
stiffness and significantly increased damping relative to the response of the mandrel
by itself. The penalty in reduced stiffness in exchange for increased in damping
observed in the highest damped configurations is comparatively small for this as-
sembly, as the observed natural frequency was reduced by only approximately 10%.
Conversely, more tightly wound cases demonstrate increased stiffness and com-
paratively less damping than more loosely wound roll. An approximately 5–10%
increase in resonant frequency was observed for the stiffest configurations observed.

In general, increasing the winding tension during the coiling process results in an
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overall increased stiffness for the final wound roll, but corresponds with decreasing
damping. However, regardless of the winding tension, the addition of the wound
roll has increased the overall damping of the assembly. The estimated range of
critical damping for the wound roll assembly ranges between 1% and 5%, marking
an increase from the mandrel-only result of approximately 0.5%. These results
confirm the potential of the wound roll damping concept, which utilizes the wound
roll as an energy dissipation mechanism.

Random Vibration: Performance Variation with Excitation Level

The vibration response of a wound roll is determined by the coupled interactions
between the preload, structure, and excitation. While there were challenges in con-
trolling preload increments to achieve smooth variation, as described in the previous
section, the excitation levels could be continuously varied. This provides an oppor-
tunity to not only examine the sensitivity of the response to changes in excitation
level, but also determine whether the bimodal response observed previously is a real
effect. In this set of experiments, the excitation profile reverts to random vibration,
with the focus now on investigating a significantly broader range of excitation levels.

Fig. 3.12 shows the vibration response variation between three test cases for varying
levels of random vibration excitation: the mandrel by itself, and the wound roll for
two levels of winding tension: 20 N and 60 N. In each of the plots in Fig. 3.12, the
excitation magnitude labeling is normalized by the maximum level. As previously
mentioned, responses to random excitation are obtained by time-averaging to estab-
lish the mean response before conducting comparisons. Unlike the sine sweep data,
the vibration responses with excitation level do not exhibit the bimodal grouping and
have a comparatively smoother transition with excitation level. This indicates that
the bimodal response distribution observed in the sine sweep data is most likely an
artifact of the sample preparation process, and not a physical mechanism of wound
roll damping.

The damping ratios are extracted and plotted versus normalized excitation level in
Fig. 3.13 to facilitate more straightforward comparisons. Note that these values are
not meant to be compared with the damping estimates reported from sine sweeps,
which is typically how these values are conventionally obtained. Instead, they are
utilized as an accessible metric that captures the amplitude and width of response
peaks for relative comparisons.

Fig. 3.12a shows the mandrel-only response. Here, transmissibility is observed to be
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(a) Mandrel-only

(b) 20 N winding tension

(c) 60 N winding tension

Figure 3.12: Variation in transmissibility with excitation amplitude for random
vibration of the wound roll under different winding tensions.

invariant to excitation amplitude (Fig. 3.13). This demonstrates that any subsequent
variations in response after including the wound roll are not attributed to the mandrel.

Fig. 3.12b shows a wound roll test case for the lowest winding tension in this experi-
ment set. The wound roll vibration performance is consistent with previous findings;
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Figure 3.13: Wound roll damping variation with excitation amplitude and winding
tension.

regardless of excitation amplitude, the wound roll shows decreased response, and
therefore higher damping in all cases relative to the mandrel-only response. As the
excitation level increases, the resonant frequency of the wound roll decreases and
the damping level increases, as demonstrated by the positive slope in the damping
response depicted in Fig. 3.13. This indicates a discriminatory, self-scaling fea-
ture of this damping concept. For low amplitudes of excitation, the wound roll
exhibits a stiffer response to loading. As the excitation level increases, more layers
within the roll slip, which increases dissipation and results in higher damping. This
added damping is achieved at a relatively minimal cost, as the resonant frequency
undergoes only a marginal change, i.e., approximately 5%.

Fig. 3.12c illustrates how the response varies with increasing winding tension,
which further substantiates that the observed phenomena result from the influence
of interlayer slip within the coil. Similar to the lower tension case, the wound roll
still demonstrates higher damping than the mandrel alone, even with higher winding
tension. However, as expected, lower damping is achieved and the range of resonant
frequencies is higher, indicating that the higher tension winding demonstrates a
stiffer response due to reduced slip (Fig. 3.13).

Shock Loading: Performance Under Impulsive Loads

The final excitation profile in this set of experiments is shock loading. Some tradi-
tional damping concepts draw criticism for their inability to respond to impulsive
loading without response delay or have loading rate dependent behavior, which may
lead to the direct transmission of loads. Therefore, the aim of this experiment is to
assess the performance of this concept under shock excitation, which subjects the
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wound roll to impulsive, high loading rates. The shock profile used in this study was
extracted from a spacecraft qualification test campaign, and is shown in Fig. 3.14
for completeness. Nominally, this profile is intended to specify excitation levels
for frequency content up to 5000 Hz, but the primary objective of this profile is
simply to subject the test sample to impulsive loads, so no effort is made to ensure
the table response matches the original shock response spectrum. This profile was
normalized into a voltage signal, and then passed into the vibration table controller.

Figure 3.14: Shock time series used to convert into voltage time series input into
vibration table.

Fig. 3.15 shows the variation in wound roll response to shock excitation. Immediately
apparent is the difference in damping between the mandrel-only case and the wound
roll cases. For the mandrel-only case, low damping is evident as indicated by the
response exhibiting the highest amplitude and the slowest decay rate, where the
mandrel exhibits ringing for an extended duration. This is in contrast with the
wound roll test cases, where the response decays much more quickly.

Figure 3.15: Wound roll damper shock response time domain data.

While one might be tempted to attempt to calculate the damping ratio from this



58

data using the logarithmic decrement, the nature of the data does not lend itself
well to this technique. For the mandrel-only response, the logarithmic decrement
technique is easy to calculate because there is a single dominant frequency and
the exponentially decaying envelope is well-defined and consistent. However, for
the wound roll dataset, there are numerous spurious signals that make defining
a consistent decay envelope difficult and multiple frequency components with no
dominant peak frequency. Instead, the frequency responses can be extracted using
the FFT as shown in Fig. 3.16. Note that each of these curves is the averaged
response obtained from three separate trials.

Figure 3.16: Extracted peak acceleration variation with winding tension from shock
response.

Note that the overall shape of the wound roll responses obtained from shock loading
are significantly different from those obtained from the sine sweep experiments.
The disparity between the frequency responses obtained from shock data and sine
sweep data can be attributed to the distinct nature of these input signals. Shock
data subjects the test sample to impulsive force inputs, leading to a frequency
response that reflects the system’s response to loading rate. In contrast, sine sweep
data involves a continuous and smoothly varying input signal that sweeps through a
range of frequencies, providing a more comprehensive view of the system’s behavior
across different frequency components. The abrupt nature of shocks can excite
specific resonances and dynamic characteristics of the system that may not be as
prominent or easily discernible during a sine sweep. Additionally, shock events may
induce nonlinear behavior in the system, further contributing to differences in the
frequency response compared to the linear and continuous excitation provided by a
sine sweep.
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The responses in Fig. 3.16 generally demonstrate behaviors consistent with the pre-
vious excitation profile experiments. As winding tension increases, the frequency of
the peak response increases, indicating stiffer behavior that can exceeding the stiff-
ness of the unloaded mandrel for sufficiently high tension. Additionally, irrespective
of the winding tension, the presence of the wound roll damper consistently reduces
the vibration response where all wound roll responses show lower tip response than
the mandrel-only case.

A notable observation is that the configuration with the lowest winding tension does
not necessarily exhibit the most damped response. An indication of this property
was potentially hinted at in the sine sweep data in Fig. 3.11a, where the response with
the lowest resonant frequency did not have the lowest peak response in the dataset.
This is an indication that there exists an optimal value of winding tension for peak
damping, which is a known property of friction dampers, where frictional energy
dissipation is optimizable [68]. Further discussion of this topic will be addressed
in upcoming chapters dedicated to FEA, where the magnitude of energy dissipation
can be extracted directly.

3.5 Interlayer Slip Measurement Experiment
Layer Slip Measurement Procedure
Having now examined the vibration response and performance of the wound roll
damper, the objective of the remaining experiments focus on confirming the under-
lying mechanism for energy dissipation is, in fact, layer slip. In order to demonstrate
this, the approach is to correlate damping levels with direct measurements of layer
slip to pinpoint locations exhibiting the highest slip magnitude.

This experiment is performed for two test cases with different winding tensions,
using a sine dwell at the resonant frequency of each configuration. During each
test, an internal illumination source mounted underneath the test sample is turned
on, allowing a high speed camera to record the tracking targets during the vibration
experiment at 2000 fps (Fig. 3.4b). The slip measurement for each of the two tension
levels tested is performed twice: once with the camera viewing direction aligned
axially to the excitation direction and once in the transverse direction (Fig. 3.7).
Axial measurement refers to the surface with the normal aligned in the excitation
direction, while transverse measurement applies to surfaces with the normal oriented
orthogonally to the excitation direction (Fig. 3.17). Because the tracking targets are
placed only along one longitudinal line along the test sample to keep the targets
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centered in the camera image frame to minimize the effect of distortion, the wound
roll and the high speed camera position must be rotated for each viewing direction.

Figure 3.17: Slip measurement location and direction conventions.

Images from the high speed camera were exported onto a personal computer and
processed using MATLAB. Each frame was thresholded to create a grayscale image
of binary values. The targets in the processed image are identified by the number
of connected pixels, as well as their circularity and diameter. Once successfully
identified, the centroids of each target, measured in the image coordinate frame
(𝑥, 𝑦), were stored. A centroid based tracking scheme was found to be more robust
compared to an edge detection scheme, which was highly sensitive to imaging noise
resulting from high frame rate imaging that measured low signal-to-noise due to
lower exposure time. Fig. 3.18 shows an example processed image that indicates
the accuracy of the centroid tracking scheme for one particular image.

The targets at a given longitudinal position are denoted as Group 𝑖. The targets on
a given layer are denoted with Layer 𝑗 . For a given target Group 𝑖, subtracting the
position of the reference target, (𝑥𝑟 , 𝑦𝑟)𝑖 from the position of the layer targets (𝑥, 𝑦) 𝑗

𝑖

eliminates the contribution of the mandrel movement. The resultant is the slip of
layer 𝑗 , (𝑠𝑥 , 𝑠𝑦) 𝑗𝑖 , relative to the mandrel:

(𝑠𝑥 , 𝑠𝑦) 𝑗𝑖 = (𝑥𝑟 , 𝑦𝑟)𝑖 − (𝑥, 𝑦) 𝑗
𝑖

(3.2)

Interlayer slip can then be computed by taking the difference between layers:

(𝑠𝑥 , 𝑠𝑦) 𝑗1− 𝑗2𝑖
= (𝑠𝑥 , 𝑠𝑦) 𝑗1𝑖 − (𝑠𝑥 , 𝑠𝑦) 𝑗2𝑖 (3.3)
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Figure 3.18: Example processed image showing centroid tracking scheme. Here,
layer targets were placed every five layers starting from Layer 1 (Layers 1, 6, 11,
16).

Note that the slip calculations in Eq. (3.2) and Eq. (3.3) are performed in the time
domain and the units are in pixels.

The noise floor of the measurement and processing chain was evaluated by applying
the entire procedure to the sample measured at rest. High frequency noise present
in the statically measured centroids in the time domain (Fig. 3.19a), motivated
performing analysis in the frequency domain and only considering a neighborhood
around the excitation frequency that was tested experimentally (Fig. 3.19b).

This was done by taking the Fourier Transform of the time domain signals, which
was a preferred method over directly filtering or smoothing the time domain data
to avoid impacting the slip measurement. From this, the maximum uncertainty in
the position of the targets measured statically in the frequency band of interest was
found to be 𝛿 = max(𝛿𝑥) = max(𝛿𝑦) ≈ 0.01 px. Since slip is calculated from the
difference of two uncertain measurements, the propagation of uncertainty results in
a total slip noise floor of 𝛿𝑠 =

√
2𝛿 ≈ 0.02 px. Slip magnitudes at least 𝛿𝑠 above the

noise floor would be considered as a real signal, whereas values below this threshold
would be considered indistinguishable from the static, no slip condition. As a result,
after first performing slip calculations in the time domain, the results are converted
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(a) Time domain centroid locations.

(b) Frequency domain centroid locations in frequency
band of interest

Figure 3.19: Noise floor (red dashed line) estimation of measurement and centroid
tracking processing chain of all 15 targets measured statically. Frequency domain
noise floor lower than time domain noise floor by an order of magnitude.

into the frequency domain for evaluation. The dimensions of the targets are known
and can be used to convert from pixel units to mm. The conversion is approximately
0.1 mm/px.

Slip Experiment Results
Fig. 3.20 shows an overview of all slip measurements, where the maximum, mandrel
relative slip, in any direction (𝑥, 𝑦) at any layer, max

𝑗
[(𝑠𝑥 , 𝑠𝑦) 𝑗𝑖 ], is plotted against

the target groupings for both axial and transverse measurements. In this figure, the
error bar corresponds to the uncertainty of the measurement, 𝛿𝑠. The red dashed
line in this plot corresponds to the noise floor. The black dashed line shows the
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maximum slip, considering only the 𝑥 direction, 𝑠𝑥 . This is included to gauge the
relative magnitudes between 𝑠𝑥 and 𝑠𝑦.

Figure 3.20: Aggregate mandrel relative slip: maximum of vertical and horizontal
slip at any layer for axial and transverse measurements.

In examining the data, the scale of slip is noted to be well under 1 mm in amplitude,
which is less than 0.01% of the length of the wound roll assembly. This experiment
is conducted at the natural frequency of the system, representing conditions where
maximum stresses are anticipated. Consequently, it is expected to yield among
the largest slip amplitudes among the experiments conducted. This measurement
indicates that only a relatively small amount of slip is necessary to achieve the
damping performances observed. With the combined effects of the spool caps and
winding start and end terminations, no significant large scale shifts in the wound roll
layers were observed, despite sustained loading and regardless of the periodicity of
the loading. These results suggest that the wound roll damping concept can operate
effectively without requiring substantial stroke.

Comparing now the directions, slip measured on the transverse face is observed
to be smaller than in the axial face. Additionally, in the transverse direction of
measurement, there is no clear difference between the loose and tight winding cases:
the curves coincide within the uncertainty of the measurement. In the axial direction
of measurement, there is an unambiguous delineation between tight winding and
loose winding, as seen in the difference of the slip magnitudes. Therefore, attention
is focused on the axial measurements and the components of mandrel relative slip
(𝑠𝑥 , 𝑠𝑦) can be examined separately.
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In the axial direction, the vertical slip, 𝑠𝑦, is larger than the horizontal slip, 𝑠𝑥 . This
can be seen in Fig. 3.20, where the largest horizontal slip recorded does not exceed
0.005 mm. Thus, only the vertical slip data for the axial measurement direction is
reported in Fig. 3.21 for both winding cases.

Fig. 3.21a and Fig. 3.21b show the vertical slip measurements, 𝑠𝑦, for each winding
tension case, delineated by grouping as well as by layer. Here, the loosely wound
case demonstrates larger slip magnitudes than the tightly wound case. Maximum
slip, in either case, occurs towards the base of structure (Group 1) and falls off
further away from the base, consistent with previous estimations. Comparing the
magnitude of slip by layer, the maximum degree of slip does not occur at Layer 1,
which does not match the theoretical prediction. However, a possible explanation
for this discrepancy is that the leading edge of the 1st layer was fixed to the mandrel
with tape at the beginning of winding, and so there is an additional constraint on
this layer (Fig. 3.3).

Examining Fig. 3.21a, the mandrel relative slip magnitude curves for Layers 6, 11,
and 16 coincide. This suggests that after a certain layer, between Layer 1 and Layer
6, there is no more relative movement between layers. This fact is clearly evident
when considering the interlayer slip, (𝑠𝑥 , 𝑠𝑦) 𝑗1− 𝑗2𝑖

, instead of the mandrel relative
slip, as shown in Fig. 3.22. The curves in this figure are obtained by subtracting the
centroid position of Layer 6 from the centroid positions of all subsequent layers in
the time domain, and then taking the Fourier Transform.

Fig. 3.22 demonstrates that the measured slip relative to Layer 6 is indistinguishable
from the static noise floor, which indicates that there is no appreciable interlayer
slip beyond Layer 6. This result is consistent with the findings in Section 2.4, which
indicated that the largest shear stress components for a wound roll undergoing base
excitation were the 𝜎𝑟𝑧 shear stresses in axis to the excitation direction. The location
of these stresses was at the base of the structure, propagating only a small radial
distance away from the innermost layer. This experiment confirms that due to the
bending vibration mode of the structure, the inner layers towards the bottom of the
roll, in axis of vibration, have the largest effect on dissipation for the wound roll
damper concept due to slipping in the vertical direction.

3.6 Conclusion
In this chapter, the vibration performance of the wound roll damping concept was
explored using a range of different excitation profiles. The results indicate that this
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(a) Vertical slip by layer and group for loose winding.

(b) Vertical slip by layer and group for tight winding.

Figure 3.21: Comparison between axially measured, vertical slip (𝑠𝑦) relative to the
mandrel for tight and loose winding.

concept is a relative motion device; regardless of the loading spectra or rate, if the
excitation induces stresses that exceeds the shear capacity, slip occurs and leads to
increased damping. This indicates that this concept works for any waveform or
frequency, and works for all resonances.

The concept was demonstrated to exhibit sensitivity only to excitation amplitude,
indicating discriminatory, self-scaling behavior. It “activates” only when stresses
reach a sufficiently high level, and inherently scales with loading through the ge-
ometry of coiling. As loads increase, the propagation of slip through coiled layers
and axial extents also increases, resulting in enhanced damping. Additionally, this
scheme was proven to be an integral vibration damping and stiffness scheme that
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Figure 3.22: Interlayer slip, relative to layer 6, for axially measured, vertical slip
(𝑠𝑦) for loose winding. All interlayer slip measurements are below the static noise
floor, indicating that there is no relative movement between layers after layer 6.

is tuneable with winding tension. Although, similar to other damping concepts,
there remains an adverse relationship between damping and stiffness, the associated
decrease in stiffness for increased damping is comparatively low.

The slip measurement experiment was able to confirm the ’active’ regions in the
wound roll damping concept. These are the regions where slip occurs during
vibration and are responsible for the energy dissipation mechanism. High speed
camera measurements determined that the vibration mode of the structure dictates
the location of the actively slipping regions. For the case of a cantilevered, cylindrical
structure with a wound roll damper, subject to base excitation, interlayer slip initiates
at the base of the roll from the inner layers. This result indicates that, while the
entire coiling form factor plays a role in the stiffness of the assembly, only a limited
region may participate in the damping process for a given excitation loading level.
This result is salient as it identifies the critical regions for focus when considering
techniques to engineer contact properties to control slip for either the purpose of
adjusting damping or protecting sensitive surfaces.
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C h a p t e r 4

FINITE ELEMENT SIMULATION OF WOUND ROLL DAMPING

4.1 Introduction
Following the experimental studies, a finite-element analysis (FEA) is performed
in order to build a simulation model that correlates with the variations in damping
and locations of slip observed in the experiments. The objective of this model is to
capture the experimentally observed behaviors:

1. Quantitatively, the range and magnitude in damping and stiffness variations
with preload.

2. Qualitatively, the positive skew transmissibilities for low preloads and the
trends in responses with preload.

3. Inner layers towards the bottom of the roll, in the axis of vibration, contribute
strongly to the energy dissipation due to slipping in the vertical direction.

The aim is to build the simplest model capable of encapsulating both the quantitative
and qualitative features observed in experiments. Even qualitative agreement be-
tween experiments and simulation would provide a starting point for demonstrating
understanding of the key parameters for this frictional damping mechanism.

Because the simulation now needs to provide damping estimates, the model consist-
ing of a homogenized coil solid that is bonded to the mandrel can no longer be used,
and discrete layers are required to model the contact interfaces for slip. Friction
is a dynamic and time-dependent phenomenon where the frictional forces between
surfaces can vary due to factors such as changes in relative motion and applied
loading. This variability can lead to dynamic effects such as stick-slip behavior,
hysteresis, and other temporally varying responses. As such, obtaining an accurate
model of the vibration response and damping from Coulomb friction can only be
achieved with time-domain simulations.

The simulation is conducted on a simplified, 3D representation of a wound roll,
which consists of several concentric, cylindrical shells, which approximate coiled
layers around a mandrel. The simulation uses geometry and properties derived from
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the experimental setup. The coil layers are preloaded against the elastic mandrel
using a range of pressures, and a friction interaction is defined between all adjacent
contact surfaces. Base excitation is then applied, both in the form of sine sweep and
sine dwell. The simulation is integrated in time, and the tip and base accelerations
are recorded for the sweep excitation to obtain the frequency response, while the
contact status of all elements is recorded for the dwell excitation to identify the
extents of slip. The simulated frequency response, corresponding damping values,
and slip locations are then compared against the experimentally measured values.

4.2 Wound Roll Damping FEA Simulation Setup and Simulation Procedure
The simulation is conducted on a simplified 3D representation of a wound roll that
consists of several concentric, cylindrical shells, which approximates coiled layers
around a mandrel. Similar to the experiment, the coiled structure is supported by
an isotropic mandrel, fixed in a cantilevered configuration with a tip mass, 𝑚. The
coiled structure is represented by 𝑛 elastic layers placed around the mandrel, with
the outermost layer preloaded with a pressure loading, 𝜎𝑟 . The mandrel is defined
by the length, 𝐿, outer radius, 𝑟𝑚, and wall thickness, 𝑡𝑚. The coiled structure
has the same length as the mandrel and layer thickness, 𝑡𝑙 , which is scaled to have
total thickness of all layers equivalent to the 25 Kapton layers in the experiment:
𝑛 · 𝑡𝑙 = 25 · 𝑡𝐾𝑎𝑝𝑡𝑜𝑛 (Fig. 4.1).

Figure 4.1: Geometry of coiled structure for FEA.

For this simulation, the geometry and properties used in the model are derived from
the experimental setup in Section 3.2. The coil layers were preloaded against the
elastic mandrel using a range of pressures, and a friction interaction was defined
between all adjacent contact surfaces. The contact interfaces between the coil
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and mandrel and adjacent coil layers are defined by a Coulomb-like, penalty friction
model, where a small degree of elastic slip is allowed to help with convergence issues
associated with the discontinuity of the unmodified Coulomb model (Fig. 4.2). The
friction model is defined with coefficient of friction, 𝜇, allowable elastic slip, 𝛾∗, hard
contact, i.e., no penetration, and separation allowed. No other form of damping was
included. The numerical damping associated with the default integration method
for dynamic implicit contact simulations is observed to have negligible effect on the
simulation response. This is further discussed in Appendix B. The mandrel was
modeled using S4R shell elements and the coil layers were modeled with M3D4R
membrane elements, which have no bending stiffness. The base of the coil was
assumed to be bonded to the mandrel’s base (Fig. 4.1).

Figure 4.2: Penalty friction model compared against Coulomb friction model. Al-
lowable elastic slip 𝛾∗.

The geometry and properties of the mandrel-coiled layers system as well as certain
simulation parameters are shown in Table 4.1 and in Table 4.2. These values were
determined from a combination of datasheet properties, direct measurement, and
correlation from indirect measurements. In particular, the modulus of the mandrel,
𝐸𝑚, was adjusted so that the resonant frequency of the ’mandrel-only’ case matched
experimental values of the corresponding ’mandrel-only’ experiment. Similarly, the
modulus of the Kapton layers, 𝐸𝑙 , was tuned such that the resonant frequency of
the simulation configuration with bonded coil layers (i.e., no slip), obtained from an
eigenvalue frequency analysis, matched experimental values of the highest preload
test case. In this manner, both the original underlying stiffness of the mandrel
by itself and the limiting behavior of the highest preload experimental case were
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captured. Densities were calculated assuming the basic dimensions of the geometry
(i.e., theoretically exact) to calculate the volume, and weighing the physical test
articles to obtain the masses. Appendix A discusses the sensitivity of the simulation
model to the value of the allowable elastic slip, 𝛾∗.

Table 4.1: Geometry and Simulation Parameters

𝐿 (mm) 𝐷 (mm) 𝑡𝑚 (mm) 𝑡𝑙 (mm) 𝑛 𝜇 𝛾∗ [𝑚]
300 80 1.5 25/𝑛 1–5 0.25 10−6

Table 4.2: Material Properties

𝐸𝑚 (GPa) 𝜌𝑚 (kg/𝑚3) 𝐸𝑙 (GPa) 𝜌𝑙 (kg/m3) m (kg)
2.7 1200 2.8 2000 0.05

The finite element software ABAQUS was used to determine the variation in the
vibration response of the coil-mandrel assembly, as well as the locations of slip.
First, a static analysis was performed to apply the initial preload of the coil layer(s)
against the mandrel. In the next dynamic implicit step, the assembly was subjected
to one of two acceleration base excitations for each study and time integration of the
model response was carried out.

For the frequency response study, sinusoidal base excitation using a geometric chirp
base acceleration excitation was applied. The geometric chip, also referred to as
an exponential chirp, is performed over a reduced frequency range from 125 to 175
Hz at a constant 5 𝑚/𝑠2 amplitude with a 2 oct/min sweep rate. Despite finding no
significant impact on modal response with varying sweep rates in experiments, a
lower and more conventional sweep rate was chosen in simulations to err on the side
of caution and ensure a conservative approach that does not affect modal response.

Fully modelling the dynamics and contact interactions between 25 layers for the
experimental frequency sweep profile and duration was found to be computationally
expensive. Therefore, using the results of Section 3.5, which indicated that the
inner layers tend to exhibit more slip than outer layers, the simulation models only
one layer 𝑛 = 1 for the sweep studies. The range of preload stresses considered
in simulation varies from 10 kPa to 300 kPa, which encompasses the range of
experimentally applied radial stresses that are estimated using measured winding
tensions with the stress models from Section 2.2 (Fig. 4.3).

Given the computational expense associated with time domain simulations, aggres-
sive mesh reduction was conducted. Here, due to computation cost, mesh con-
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Figure 4.3: Estimated mapping of winding tension to radial preload, 𝜎𝑟 , calculated
from winding stress models using experimentally measured winding tensions.

vergence was investigated using the linear perturbation frequency method instead
of time domain simulations. The acceptable mesh density criteria corresponded
to the lowest mesh density that still maintained 99% of the converged value of 𝑓𝑛.
Generally, this corresponds to approximately 300 elements minimum for each shell,
achieved by seeding the edges of the cylindrical shell with at least 30 mesh seed
points on the circular edges and 10 mesh seed points on the axial edges.

The output of the sweep simulation provides the time history of the tip response
of the coil-mandrel system, as well as the base input. The Fourier Transform of
the tip response and base input, and subsequent ratio between the two provides the
transmissibility response spectrum in the frequency domain, where the damping is
estimated, again using the half-power bandwidth method.

For the layer slip study, a sine dwell base excitation was prescribed at the original
’mandrel-only’ frequency, 𝑓𝑛 ≈ 150 Hz. Here, the number of modeled layers is
increased, 𝑛 = 5, in order to determine how many layers does slip propagate through
during the vibration event. The simulation is run sufficiently long to reach steady
state. In this simulation, each layer was individually preloaded with 𝜎𝑟 = 200 Pa.
Thus, the total preload on the innermost layer, against the mandrel interface, was
1 kPa. The contact status of the elements for all layers as well as the mandrel
was recorded for the dwell excitation, with acceleration amplitudes ranging from
1 − 3𝑔. The simulated frequency response, corresponding damping values, and
slip locations from these two studies can be compared against the experimentally
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measured values.

4.3 Results of Frequency Response Study
The simulated frequency responses for a variety of preloads are compared against
a set of experimentally measured frequency responses with the closest equivalent
measured preloads (Fig. 4.4). There is observed to be relatively good, agreement
between the simplified FEA model and the experimental results.

Quantitatively, the simulation reports a span of resonant peaks and transmissibility
amplitudes that are comparable to the experimentally measured results for a similar
range of preloads. The response amplitude in both datasets decreases with decreas-
ing preload, indicating that the looser winding exhibits increased energy dissipation
and hence damping. For low preload cases, the experimental frequency response
curves are positively skewed, which is likewise captured by the FEA model. This
behavior is an indication of nonlinear damping or stiffness (softening) [69].

(a) FEA simulated frequency responses. (b) Select experimental frequency re-
sponses.

Figure 4.4: Comparison between simulated and experimentally measured frequency
responses. Preload increases from blue to red.

The reduction in slip with higher preload results in decreased energy dissipation,
causing the excitation response to increase compared to the lower winding tension
cases. For both simulation and experiments, the reduction in slip further causes
an increase in stiffness beyond the mandrel-only response, as seen with the highest
preload responses where the resonant frequencies exceed that of the mandrel by
itself ( 𝑓𝑛 > 150 Hz). This indicates that the FEA model successfully captures the
stiffening effect where, for sufficiently high pretension, slip is suppressed, and the
coiling form factor increases the effective wall thickness of the cylindrical sample,
which causes the stiffer response observed.
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Fig. 4.5 plots the damping values extracted from the simulated responses with the
previously shown experimental data. Both datasets exhibit similar trends between
estimated damping and apparent stiffness with preload variation. The estimated
damping from simulation has relatively good agreement with the experimentally ob-
served range, with comparable magnitudes and frequency range spans with preload.
This suggests that the underlying physics, namely the frictional slip damping and
structure-dynamic loading interaction, has been captured by the simplified model.
Noteworthy is that these results were achieved by simulating a single contact surface,
further indicating that the innermost layer is the most important to energy dissipation
in this concept.

Figure 4.5: Damping-resonant frequency variation with preload; comparison be-
tween simulation (diamonds) and experiment (circles).

The frictional energy dissipation, 𝐸𝐹 , can be directly extracted from the simulation
results to determine if the response amplitude reduction of this concept is solely due
to work done by friction or if additional contributions from other phenomena, such
as destructive interference, need to be considered. The highest rates of frictional
energy dissipation during the sweep coincide with resonance, where the wound roll
is subjected to the greatest loads. This is shown in Fig. 4.6 where cumulative work
done by friction is plotted on top of the mandrel tip response during the sweep.

Fig. 4.7 plots the maximum frictional energy dissipation against the applied ra-
dial preload. Here, the energy dissipation is observed to decrease with increasing
preload. Comparing just the total energy dissipated by friction alone against the
damping estimate, the peak damping configuration does not necessarily coincide
with the highest energy dissipation (Fig. 4.8). Regardless, in general, higher damp-
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(a) Low preload (𝜎𝑟 = 1 kPa). (b) High preload (𝜎𝑟 = 300 kPa).

Figure 4.6: Tip response and frictional energy dissipation from FEA sine sweep
for low and high preload cases. Energy dissipation rates are maximum around
resonance.

Figure 4.7: Frictional energy dissipation, 𝐸𝐹 , from lab-scale FEA simulation vs.
radial preload, 𝜎𝑟 . Energy dissipation decreases with radial preload.

ing is positively correlated with 𝐸𝐹 . This result confirms that the response amplitude
reduction in this damping concept is largely due to the friction dissipation mecha-
nism.

4.4 Results of Interlayer Slip Dwell Study
After obtaining agreement between the simplified FEA model and frequency re-
sponse experiments, this model is reused to determine the locations of slip. Here,
the number of layers is increased from the previous study from 𝑛 = 1 to 𝑛 = 5 in
order to find where slip occurs and its propagation through the layers. This was
done by tracking the contact status of all surfaces, which differentiates between
slipping and sticking contact states. Fig. 4.10 depicts the cumulative, steady state
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Figure 4.8: Frictional energy dissipation, 𝐸𝐹 , vs. damping, 𝜁 . Energy dissipation is
strongly positively correlated with damping estimate for lab scale FEA simulation.

contact status for each layer across multiple loading amplitudes. Here, ’cumulative’
meaning these plots depict locations of slip on each layer that was observed at any
point during the simulation in red, whereas green denotes sticking, i.e., no slip,
observed throughout the entire simulation. In this representation, the slip status of
Layer 𝑗 indicates slip with respect to Layer 𝑗 + 1.

In Fig. 4.10a, the following behaviors are observed. First, the largest slip area occurs
at the innermost interface, between the mandrel and Layer 1. Next, this largest patch
of slip is vertical slip that occurs on the faces aligned with the U1 axis, which is
the excitation axis. This can be seen in Fig. 4.11, which is a vector plot of the
maximum, relative displacements between Layer 𝑗𝑖+1 and the preceding Layer 𝑗𝑖,
which is denoted as ®𝑈 𝑗𝑖+1− 𝑗𝑖 . And finally, after a certain layer, no slip is observed on
any subsequent outer layers, as seen in both Fig. 4.10a and Fig. 4.11.

Keeping the friction and preload consistent, increasing the excitation level causes the
area of cumulative slip to grow in the vertical direction as well as propagate through
additional layers (Fig. 4.10b, Fig. 4.10c). This indicates that larger excitation
increases the extent of the layers that actively participate in energy dissipation,
corroborating the previously stated assertion that the performance of the wound roll
damper inherently scales with the excitation level. All these behaviors are consistent
with the findings of the slip estimation theory in Chapter 2.

Comparing the slip measurements obtained in simulation against experiment results
in Sec. 3.5, there is likewise observed to be good, qualitative agreement for the
behavior trends in slip propagation, except for the location of maximum slip. In



76

experiments, the location of maximum slip magnitude was not at the innermost layer
of the roll. This is in contrast to both the simulated and theoretical prediction, where
the maximum slip occurs at the innermost layer, between the 1st winding and the
mandrel.

The reason for this discrepancy was previously theorized to be the result of the
different boundary conditions. In the experiment, the longitudinal free edge of the
innermost layer was fixed to the mandrel at the start of winding with tape (Fig. 4.9a).
The extent of the constraint in the vertical direction, which is the dominant slip
direction for this loading case, significantly limits the allowable movement of this
layer. Conversely, both the theoretical and simulated models approximate the spiral
wrap of the wound roll as a series of concentric shells, and each layer is restrained
by the circular edge at the root (Fig. 4.9b). From the results depicted in Fig. 4.10,
this boundary condition does not significantly restrict vertical slip, allowing the
innermost layer to demonstrate the maximum slip magnitude.

(a) Experiment boundary condition: ver-
tical free edge of spiral wound membrane
fixed with tape, arresting slip at the 1st

winding.

(b) Simulated boundary condition: circu-
lar root edges of concentric shells fixed.

Figure 4.9: Different boundary conditions (highlighted in green) between experi-
ment and simulation.

This discrepancy in layerwise location of maximum slip between simulation and
experiments potentially indicates the sensitivity of this concept to the boundary
conditions on each layer in the wound roll. However, in this particular configuration,
the damping performance is not observed to be significantly affected, as there is
good agreement between simulation and experiments in both transmissibilities and
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damping magnitudes in Fig. 4.4 and Fig. 4.5 respectively. This further indicates that
modeling a wound roll as a series of concentric cylinders is a good approximation,
and additionally suggests that a damping device that consists of preloaded concentric
cylindrical shells in frictional contact also constitutes a valid alternative damper
configuration.

The results of this study demonstrate that the simulation successfully captures the
experimentally observed behaviors: the inner layers towards the bottom of the roll,
in the axis of vibration, have the largest effect on dissipation for the wound roll
damper concept due to slipping in the vertical direction.

(a) Cumulative steady slip locations for 1g loading

(b) Cumulative steady slip locations for 2g loading

(c) Cumulative steady slip locations for 3g loading

Figure 4.10: Cumulative locations of slip with loading variation. Red indicates that
slip has occurred at that location at some point during the simulation.
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Figure 4.11: Maximum relative displacement vectors between adjacent layers for 1g
loading. The largest vectors occur between Layer 1 and the mandrel in the vertical
direction.

4.5 Conclusion
This chapter discusses a 3D FEA model for wound roll damping, composed of con-
centric shells representing the mandrel and coiled layers. This model is minimalistic
and only includes the interaction between the material properties and geometry of
the structure, the contact definition between interfaces, the preload, and excitation
level. The simulated excitation included sine sweep to characterize the vibration
response and sine dwell simulations, to observe the steady state slip response, mir-
roring experiments.

The relatively simple FEA model demonstrated good qualitative and quantitative
agreement with experimental damping responses. The span of resonant peaks and
corresponding damping variation with preload match those measured experimen-
tally. The vibration response correlation between the FEA model and experimental
results is noteworthy, particularly considering that only one slipping interface was
modeled. This result reinforces the notion that the innermost layers are important
regions of energy dissipation in this damping scheme.

Moreover, the slip investigation revealed slip extents and vectors consistent with
experimental data and theoretical predictions. The results further confirm that slip
propagates to additional layers and axial extents under larger excitation. This finding
provides direct evidence of the self-scaling property inherent in this concept.
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The identified underlying mechanism for wound roll damping is confirmed to result
from the coupling between structural dynamics and interlayer contact properties.
For a given loading, the locations of maximum shear stresses in the wound roll are
seen at the base, near the mandrel interface. As a result, these are the locations
where slip will initiate once the excitation level exceeds the force of friction.
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C h a p t e r 5

TWO DEGREE OF FREEDOM REDUCED ORDER
NUMERICAL MODEL

5.1 Introduction
In the previous chapter, a non-linear, finite element model was demonstrated to
have good prediction of the vibration response of the wound roll damper. However,
these efforts are computationally expensive. For the FEA model studied, several
approaches were employed to reduce computation time, which included aggressive
mesh density reduction, modeling slip along a single interface to decrease the
number of contact surfaces, biasing the resonance of the wound roll system towards
lower values to reduce required time increments, and utilizing a relatively fast sweep
rate to lower the total simulation step time. Despite these efforts, a single simulation
run still demands a CPU computation time spanning 50 to 100 hours. Consequently,
it takes approximately 3 to 5 days to complete a set of 10 simulations on a server-
class machine (2x Intel(R) Xeon(R) Gold 6354 CPU and 1 TB ram). The duration
required for implementing this approach makes it impractical for conducting studies
to explore design space associated with this damping concept. As such, a more
efficient method is needed.

It is commonly asserted that mechanical systems can be represented by a simple
1D mass-spring-damper systems. Thus, this is the approach that is taken here.
In theory, the wound roll damper concept could be modeled with a single mass
along with nonlinear stiffness and damping functions that are fitted to the observed
dataset. For dissipative systems, there are also methods that similarly abstract away
the complexities of the physical system and are capable of estimating damping by
modeling only the hysteretic stress-strain behavior [70–73]. These methods simplify
the analysis by focusing on the net effective force-displacement behavior, rather than
the detailed interactions between the structure, loading, and dissipation mechanisms.
However, the objective is to refrain from transforming this problem into a black box
and instead maintain a physics-based approach that preserves understanding and
interpretability as much as possible. Thus, a key self-imposed constraint for this
study involves requiring the modeling of a friction interaction.

The vibration of 1D friction systems is extensively studied with a variety of problem-
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solving techniques [74–79]. Many of these studies make assumptions of the solution
such as focusing on or linearizing about the state of continuous or steady sliding
motion, which permit closed form analytical solutions, frequency domain methods,
or other model reduction and simplification techniques. However, in this work,
there is no assumption on the degree or state of sliding. In the presence of realistic
excitation, it is anticipated that this damper concept will exhibit a spectrum of
behaviors, spanning from no slip to stick-slip to continuous slipping [80]. As
such, the technique taken here is solving the equations of motions using numerical
integration in the time domain.

The objective of this 1D friction-vibration model is to achieve the same frequency
response behaviors under base excitation as seen in experiments and simulations.
Specifically, the targeted behaviors to capture in the vibration response are the
variations in damping and stiffness with preload. From experiments and simulation
model, and the requirement to explicitly model a friction interaction, it’s clear that
at least two masses are required to accurately depict this system: one representing
the mandrel, referred to as the primary, and the other representing the coil, referred
to as the secondary.

With the stipulation that the masses be in contact to model a frictional interface,
there are only three possible arrangements of the two masses that are differentiated
by the base boundary condition of the secondary: base fixed with the primary and
driven directly by the base excitation, isolated from excitation and driven only by
the motion of the primary, and attached directly to the primary (Fig. 5.1).

(a) Based fixed secondary (b) Base isolated secondary (c) Fixed to primary

Figure 5.1: Possible 2-DoF friction mass-spring-damper models.

The model selection among these options was conducted through a qualitative
evaluation of each model’s capability to effectively capture the desired responses
using inspection and initial exploratory simulation studies. Attaching the secondary
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to the primary can be immediately ruled out, because the overall stiffness of this
assembly does not increase with preload; the secondary always serves as an added
mass (Fig. 5.1c). The other two models are observed to be capable of capturing the
stiffness increase with preload. In the limit of sufficiently high preload, the primary
and secondary masses stick together, where the overall system stiffness is then a
combination of the two stiffness.

Among these two options, the base isolated configuration was compelling because it
suggests that the primary response drives the excitation of the secondary (Fig. 5.1b).
This initially seemed more representative of reality, given that the roll is attached
only to the mandrel in experiments. However, the base-isolated model was ultimately
rejected due to its excessive coupling of the secondary response to the primary. In
scenarios where the primary might exhibit a diminished response due to its own
dynamics, the reduced excitation applied to the secondary could erroneously imply
the absence of secondary motion, even though the secondary may possess its own
vibration mode. Furthermore, during initial exploratory tests, this model failed to
adequately exhibit the desired qualitative behaviors in its responses. Experimentally,
the transmissibilities are observed to demonstrate a positive skew (Fig. 5.2a), where
this model generally produces responses with a negative skew (Fig. 5.2b). As
such, the based-fixed secondary, where the secondary is directly excited by the base
vibration, was selected (Fig. 5.1a).

(a) Positive skew: typical of experimentally
observed wound roll transmissibilities for
low preloads.

(b) Negative skew: not observed experi-
mentally.

Figure 5.2: Positive vs. negative skew response curve shapes.

The remainder of this chapter describes the model in more detail and discusses
the key properties necessary for this model to capture the wound roll vibration
response behaviors. The model is compared with experimental and simulated
values through frequency response transmissibility curves to verify that the model
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accurately captures the desired physics of the wound roll damper.

5.2 2-DoF Model Definition and Numerical Simulation Procedure
Fig. 5.3 illustrates the diagram of the two degree of freedom, reduced order model
of the wound roll damper. The model consists of two separate mass-spring-damper
systems, (𝑚𝑖, 𝑘𝑖, 𝑐𝑖) for each mass 𝑖 ∈ [1, 2], that are preloaded together in contact
with a force, 𝐹𝑁 . The primary mass represents the mandrel and the secondary mass
represents the wound roll. The masses do not have dimension, and are therefore
assumed to always remain in contact. Both masses are attached to the same reference
plane, which is subjected to a sinusoidal displacement load with amplitude 𝑌0 and
frequency 𝜔.

Figure 5.3: 2-DoF mass-spring-damper model of wound roll damper with frictional
contact subject to harmonic load.

The free body diagram of the masses are shown in Fig. 5.4. The friction model
employed in this study continues to be the Coulomb Friction model with a coefficient
of friction, 𝜇. Here, the direction of the friction force is captured through the “sign”
function applied on the difference in velocity of the two masses:

sgn(Δ ¤𝑥) =


−1 if Δ ¤𝑥 < 0

0 if Δ ¤𝑥 = 0

1 if Δ ¤𝑥 > 0

(5.1)

This enforces the direction of friction force to always act opposite the direction of
each block’s velocity.
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Figure 5.4: Free Body diagram of primary and secondary masses.

From this, the coupled equations of motion of the system are:

𝑚1 ¥𝑥1 + 𝑘1𝑥1 + 𝑐1 ¤𝑥1 + 𝜇𝐹𝑁sgn( ¤𝑥1 − ¤𝑥2) = 𝑘1𝑦 + 𝑐1 ¤𝑦 (5.2)

𝑚2 ¥𝑥2 + 𝑘2𝑥2 + 𝑐2 ¤𝑥2 − 𝜇𝐹𝑁sgn( ¤𝑥1 − ¤𝑥2) = 𝑘2𝑦 + 𝑐2 ¤𝑦 (5.3)

These equations can be converted into continuous-time state-space form in order to
be solved in MATLAB. However, the raw form of the governing equations presents a
challenge in numerical integration due to the sign function’s discontinuity at 𝑥 = 0.
This discontinuity renders the problem excessively ’stiff’, leading to numerical
instabilities that manifest as issues such as oscillations, inaccuracies, and difficulties
in achieving convergence [81]. Using the sign function in the equations of motions
is observed to significantly extend the simulation runtime and result in spurious
spikes in the frequency response curves.

Similar to how the penalty model uses a small degree of elastic slip to help with
convergence in FEA, here the Coulomb Friction model is approximated with a
smooth function to remove the discontinuity to speed up computation time [82,
83]. There is a spectrum of possible smooth approximations; here, the selected
approximation involves the use of a logistic function, 𝑠(𝑥) = 1

1+𝑒−𝑥 . The function is
adjusted to shift its output range from -1 to 1:

sgn(𝑥) ≈ 𝑆(𝑥) = 2𝑠(𝑥) − 1 =
2

1 + 𝑒−𝑥 − 1 (5.4)

Appendix C discusses the sensitivity of the simulation results to the accuracy of the
sigmoid approximation.

Utilizing the smooth approximation, the governing equations are converted into a
system of first order differential equations, and then solved using the ode45 function
with zero initial conditions. To derive the response spectrum, a series of dwells
were conducted across a range of excitation frequencies, 𝜔. Each simulation was
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Figure 5.5: Smooth approximation to the sgn function.

integrated for a duration of 6 time constants: 𝑇 = 6𝜏, where 𝜏 corresponds to the
time constant for a second order, underdamped system responding to a step response
and is a function of the natural frequency of the system, 𝜔𝑛, and the damping ratio,
𝜁 , given by [84]:

𝜏 =
1
𝜔𝑛𝜁

(5.5)

Due to the lack of prior knowledge about the natural frequency of the system for a
given preload, the current forcing frequency 𝜔 is used to estimate the time constant
for each run. Additionally, a highly conservative damping ratio of 𝜁 = 0.2% is
assumed for this calculation to better ensure that the duration of the simulations are
sufficiently long for the transient response to decay and the steady state response to
be reached.

The call to the ode45 command to solve the differential equation is encapsulated
within a wrapper function to facilitate parallel computing against multiple excitation
frequencies simultaneously using par-for-loops from the Parallel Computing Tool-
box in MATLAB [85]. The output for each excitation frequency simulation run is
the peak steady state displacement of the primary mass.

The response of this model results from a coupled interaction between the loading,
amplitude 𝑌0 and frequency 𝜔, preload 𝐹𝑁 , and structure properties, (𝑚𝑖, 𝑘𝑖, 𝑐𝑖). In
this model, the specific values of 𝜇 and 𝐹𝑁 independently hold no significance; 𝜇
only plays a role in the force balance equation through the product of the two terms,
which is a measure of the friction force capacity: 𝐹𝑐 = 𝜇𝐹𝑁 . Consequently, to span
different winding tensions, iteration is only necessary for a single loop involving the
force capacity, 𝐹𝑐.
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In general, the structure properties (𝑚𝑖, 𝑘𝑖, 𝑐𝑖) are constants, except for the masses,
(𝑚1, 𝑚2), and the secondary mass stiffness, 𝑘2. Initially, the model was run with
all structure properties held constant to assess whether friction contact alone was
sufficient to cause all desired behaviors; however, the observed responses did not
capture the desired behaviors, specifically the positive skew response shape. These
results lead to the hypothesis that incorporating nonlinear stiffness is also necessary
to accurately model the wound roll damper [69].

Upon reviewing the experimental data, theoretical foundations established in previ-
ous chapters, and the results of the numerical simulations with constant structural
parameters, it became evident that there were two related issues with the model.
First, using a constant secondary stiffness did not accurately account for the fact
that the stiffness of the secondary varies with preload, 𝑘2 = 𝑓 (𝐹𝑁 ). Second, due
to the variation in stiffness with preload, for sufficiently low preload the wound roll
becomes too loose to support itself, and instead relies on the mandrel for support.
In this regime, the wound roll behaves as an added mass on the mandrel. For higher
winding tensions, the wound roll gains increased stiffness, transforming into a more
cohesive structural element that is capable of supporting a greater portion of its own
weight.

These related behaviors can be effectively modeled as a nonlinear variation in sec-
ondary stiffness and a zero-sum, ’added mass loading’ from the secondary to the
primary that changes with preload. The entire spectrum of potential nonlinear func-
tions that can describe this phenomenon is vast, but the fundamental characteristic
required is that the stiffness should increase with preload and approach a limiting
behavior for sufficiently high preload. The behavior of the mass is likewise expected
to follow this trend, where for low preload the mass of the secondary is added to
the primary mass and wholly supported by the primary stiffness. The added mass
loading reduces as the preload increases until reaching a point where the mass is
entirely reconstituted in the secondary and supported by its own stiffness.

This phenomenon is accurately described by the sigmoid function already being
used to smooth out the discontinuity of the friction definition, which prompted its
adoption as an initial hypothesis. Here the new, nonlinear secondary stiffness, 𝑘′2,
where the preload dependence 𝐹𝑁 is replaced by the friction capacity 𝐹𝑐 to keep the
single loop variable, and is given by:

𝑘′2 = 𝑘2 · 𝑆(𝐹𝑐) (5.6)
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And the statement of zero-sum ’added mass loading’ from the secondary and the
primary mass is given by:

𝑚′
1 = 𝑚1 + 𝑚2 · [1 − 𝑆(𝐹𝑐)]

𝑚′
2 = 𝑚2 · 𝑆(𝐹𝑐)

(5.7)

Initial simulations suggested that these two factors were the crucial elements missing,
as after incorporating the effects of nonlinear stiffness and mass, the simulations
accurately captured all desired qualitative behaviors. The potential of this model
in simulating the vibration response of the wound roll damper is demonstrated via
correlation against the experiment and simulated results.

5.3 Comparison with Experiments and FEA
To confirm the effectiveness of the reduced order, 2-DoF model of the wound roll
damper, the goal is to use the model and compare its results with experimental data
and FEA simulation results. Correlation is achieved when the transmissibilities
span the same frequency range and amplifications with preload variation as well
as demonstrate the same qualitative behaviors, such as the positive skew response
for low preload. To run this model, 8 parameters are needed: a set of three of
mass-spring-damper values (𝑚𝑖, 𝑘𝑖, 𝑐𝑖) for each mass, the friction capacity 𝐹𝑐, and
the amplitude of excitation, 𝑌0.

Without loss of generality, the frequency response can be initially normalized so
the resonant frequency corresponds to 𝜔𝑛 = 1, where the masses are normalized
by the primary mass, 𝑚1, and the stiffness are normalized by the primary stiffness,
𝑘1. While the model illustrated in Fig. 5.3 includes discrete dampers for each mass,
this is primarily for the sake of generality and to ensure a bounded response under
conditions of extremely low or high preload. The intention is for the contact friction
to provide the primary damping effect in this simulation. As such, the damping
values, (𝑐1, 𝑐2), are intentionally set to very low values for the main purpose of
ensuring finite responses. This is necessary in the limits where the preload is either
low enough to decouple the responses of the primary and secondary, or when the
preload is high enough for the masses to stick. In either case, the friction contact
produces little damping.

Initially, at this juncture, a grid search was employed to iterate over the remaining
unknown structure parameters, the limiting secondary properties: (𝑚2, 𝑘2) along
with the intended parameter variations, (𝜔, 𝐹𝑐, 𝑌0). The implementation of this



88

brute-force method served the dual purpose of gauging sensitivity to individual
parameters and identifying the configuration that yielded the best performance.
Following an initial coarse search, a set of parameters demonstrating the best per-
formance was chosen for further refinement. A notable advantage of maintaining a
physics-based approach in the modeling of this system was observed in the ability to
justify the best-performing values by relating them with the experimental properties
and measurements.

While both the mass and stiffness of the secondary affect the overall amplitude and
span of the frequency responses with preload variation, the mass 𝑚2 was observed
to have more control over the resonance location for lower preload, representing
the resonant frequency floor for a set of winding tension variation responses. The
secondary stiffness, 𝑘2, largely controlled the amplitude of response as well as the
resonance location for high preload, representing the resonant frequency ceiling
for a set of winding tension variation responses. The best-performing value of 𝑚2

closely aligned with the actual mass of the wound roll in experiments, normalized
by the mass of the mandrel (experiments: 𝑚𝑠

𝑚𝑚
=

0.12 kg
0.15 kg ≈ 0.85). After this value

was set, the value of 𝑘2 was selected from a refinement that targeted aligning the
resonant peaks of the numerical simulation in the bonded-masses limit with the
experimentally observed range. With the mass-spring-damper values finalized, the
range of frequency responses for preload variation was largely fixed. Finally, the
amplitudes of the transmissibility were tuned by varying the excitation amplitude,
𝑌0. While the exact values of preload and the excitation amplitude individually do
not have direct experimental justification, the ratio between them does.

In previous studies of the dynamics of 1-DoF mass-spring systems with friction
under base excitation, the vibration response was observed to only depend on the
frequency of forcing and the force ratio between friction and the max spring force, 𝐹𝑐

𝐹𝑘

[74, 76]. In a one-dimensional system where the force of friction acts in opposition
to the motion of a base-excited mass, the extent of motion is determined by the
relative magnitudes of the friction force and the spring force. Based on these
findings, a similar technique is employed here to provide justification of the relative
magnitudes of 𝑌0 and 𝐹𝑐 used in the simulations by comparing the estimated values
from experiments.

To estimate the force ratio from experiments and simulation, an estimate of the
friction force and the maximum ’spring’ force are needed. In experiments, the
friction force is assumed to be equal to the maximum friction force the entire
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cylindrical interface between the mandrel and 1st winding can support. In simulation,
the maximum friction force is simply the shear capacity, 𝐹𝑐. For this work, the spring
for both experiments and simulations is assumed to correspond to the mandrel, which
is the primary mass in simulation. In experiments, the spring stiffness is the flexural
stiffness of the mandrel and the force is calculated from the deflection of the tip
mandrel. For simulation, the spring force is calculated from the primary stiffness,
𝑘1, and the input forcing displacement, 𝑌0.

Table 5.1 shows the assumed values to estimate the experimental force ratio between
friction and mandrel deflection. The maximum shear capacity estimated in the
experiments is 𝜎𝑐 = 𝜇𝜎𝑟 = 75 kPa. Over the surface area of the innermost layer,
the total friction capacity is approximately 𝐹𝑐 = 2𝜋𝑟ℎ𝜎𝑐 = 6 kN. Assuming the
vibration loading of the wound roll can be approximated as a tip load, the flexural
stiffness of the mandrel with modulus, 𝐸 , second moment of area, 𝐼, and length 𝐿,
given by:

𝑘 =
3𝐸𝐼
𝐿3 (5.8)

With the assumed tip deflection of 𝑥𝑡𝑖𝑝 = 1 mm, the spring force of the deflected
mandrel is 𝐹𝑘 = 𝑘𝑥𝑡𝑖𝑝 ≈ 100 N. Under these assumptions, the experimental force
ratio is given as 𝐹𝑐

𝐹𝑘
≈ 60.

Table 5.1: Assumed properties to calculate the ratio between friction forces and
mandrel ’spring’ forces in experiments.

𝜇 𝜎 [kPa] 𝑟 [mm] ℎ [mm] 𝑥𝑡𝑖𝑝 [mm] 𝐸 [GPa] 𝑡𝑚 [mm]
0.25 300 40 300 1 2.8 1.6

Originally, this work assumed 𝑌0 = 1 and 𝐹𝑐 = 1− 100, which satisfied the required
force ratios (𝐹𝑐

𝐹𝑘
=

𝐹𝑐
𝑘1𝑌0

= 100). However, the positive skew response and transmis-
sibility amplitudes were not obtained. Increasing 𝑌0 was necessary to both achieve
the desired response skew shape and the desired response magnitudes. Despite this
adjustment to𝑌0, the range of force ratios remained within the desired range to match
experiments (𝐹𝑐

𝐹𝑘
=

𝐹𝑐
𝑘1𝑌0

≈ 70). Table 5.2 lists the best performing values identified
that were selected for output comparison. Note that no claim is made about the
global optimality or uniqueness of this solution.

Table 5.2: Best performing numerical simulation properties

𝑚1 𝑘1 𝑐1 𝑚2 𝑘2 𝑐2 𝑌0 𝜔 𝐹𝑐
1 1 0.002 0.85 1.15 0.0025 1.5 0.4–2 1–100
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Fig. 5.6 compares a subset of the frequency response curves for the wound roll
damper obtained from experiments, FEA simulations, and the numerical reduced
order model discussed in this section. For the numerical result, the horizontal axis
scaled so that 𝜔𝑛 = 𝑓𝑛,𝑚𝑎𝑛𝑑𝑟𝑒𝑙 . While the correlation is not exact, this reduced
order model is demonstrated to have acceptably accurate performance. Over the
same frequency range and span of preload ratios, the model remains within the ex-
perimentally observed transmissibility range and demonstrates the same qualitative
response variation with preload.

As observed with experiments, the reduce order model begins with a positively
skewed response at low preload and generally demonstrates the largest damping
values. Based on the insights acquired during the development of this model, it is
now understood that the positive skew response is a consequence of the nonlinear
stiffness of the wound roll with preload and the associated additional inertial loading
that is applied to the mandrel when the roll is too compliant to support it own weight.
As the preload increases, the response becomes more symmetric and increases with
amplitude and resonant frequency, indicating increasing system stiffness; consistent
with both experimentally measured and simulated responses. As a result of this
study, a relatively simple model of the wound roll damper has been obtained, which
not only offers profound insights into the physics of the wound roll damper, but
is also considerably faster than FEA simulations, enabling the examination of a
broader design space.

5.4 Discussion on Issues with Generalizability via Design Space Studies
Having established correlation and gained confidence in its accuracy at a single
design point, an attempt was made to utilize the reduced order model framework
to explore an extended design space using this more efficient technique. Here,
the objective was to examine the sensitivity of the wound roll damping concept to
the relative masses and stiffnesses of the mandrel and the wound roll. The non-
dimensionalized space is maintained, keeping masses and stiffnesses normalized
to the primary properties. With this approach, the absolute mass and stiffness
are abstracted out, which was intended to allow the results to be more broadly
applicable to arbitrary configurations that share the same relative mass and stiffness
ratios. Table 5.3 shows the span of parameters considered.

Fig. 5.7 illustrates the contour map of maximum possible damping from the design
space considered, which varies 𝑚2 and 𝑘2. This study suggests that for a fixed sec-
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(a) Experimentally measured response.

(b) FEA simulated response.

(c) Reduce order model numerical simulated response.

Figure 5.6: Wound roll damper vibration response variation with winding ten-
sion/preload obtained from experiments and simulations. Curves are depicted with
a gradient ranging from blue to red, transitioning from lower preload to higher
preload.

ondary mass, increasing the secondary stiffness should result in increased maximum
damping.
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Table 5.3: Design space survey simulation properties

𝑚1 𝑘1 𝑐1 𝑚2 𝑘2 𝑐2 𝑌0 𝜔 𝐹𝑐
1 1 0.002 0.25–2 0.5–2 0.0025 1 0.4–2 1–100

Figure 5.7: Design space contour map of maximum damping obtained using 2Dof
reduced order model.

To validate this result, the FE model from the previous chapter was re-run for
different values of the layer modulus 𝐸𝑙 , maintaining all other parameters constant.
Fig. 5.8 plots the variation in the damping response for several increasing values of
𝐸𝑙 . Contrary to the damping contour map obtained from the reduced order model,
the maximum possible damping obtained from the FE model decreases as the roll
stiffness increases.

Figure 5.8: Variation in lab-scale simulated damping response with changes to
wound roll layer modulus. Peak damping recorded decreases with increasing roll
modulus.
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While good correlation was achieved for the fitted response, definitive generalization
of this model beyond single-point fitting is not possible at this time. Future work
will be required to investigate this discrepancy.

5.5 Conclusion
In this chapter, a reduced order, 2-DoF model of the wound roll damper was pro-
posed. This model was a physics based approach that explicitly modeled a friction
contact between two mass-spring-damper systems. The primary system represents
the mandrel, and the secondary system represents the wound roll. The key factors
contributing to the success of this model in capturing the physics of the wound roll
damper was modeling the nonlinear stiffness variation and added mass loading of the
secondary. The model was demonstrated to have good correlation with experiments
and simulations using values that are justifiable from experiments.

The impact of this model is significant for several reasons. First, it is dramatically
faster than FEA, allowing rapid traversal of a wider design space to perform design
studies to identify best performing configurations. Second, using the model with
normalized values abstracts away dependence on the absolute values of properties,
thereby enhancing its versatility and applicability to any arbitrary systems with
similar relative properties. Finally, as the model is grounded in physics during
development, additional understanding of this concept has been gained from the
sensitivity studies performed in the incremental process of developing this model.
Thus, the model and results are interpretable, which increases comprehension of the
wound roll damping concept behavior and sensitivities.
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C h a p t e r 6

VIABILITY OF THE WOUND ROLL DAMPING CONCEPT AT
REALISTIC SCALES.

6.1 Introduction
The potential of the wound roll damper concept has been validated through a com-
bination of vibration experiments, finite element analysis (FEA), and numerical
simulations. The discoveries made up to this juncture demonstrate the following
properties of this damping concept:

1. This scheme utilizes the properties intrinsic to the coiling packaging scheme,
i.e., coiling packages a structure in a cylindrical shape, which has potential
geometrical benefits, and creates distinct layer interfaces to facilitate slip
dissipation, and thus requires no added components and is entirely passive.

2. The damping and overall stiffness of the system can be varied depending on the
winding tension applied. While damping and stiffness are inversely related,
the associated cost of increasing one parameter for another was observed to
be relatively small.

3. Slip initiates from a relatively small region within the roll, and the extent of the
slipping regions is affected by the relative magnitude between the interlayer
friction capacity and the excitation magnitude. Only a small amount of motion
is sufficient to provide significant damping.

4. Through the layered geometry, the damping concept exhibits a discriminatory,
self-scaling behavior. For low excitation, no slip occurs and there is a stiffer
overall response. Increasing excitation levels causes slip to propagate to
additional layers in the coil, which increases damping.

5. The damping concept is a relative motion device and therefore works for any
excitation profile.

These findings were obtained from experiments and simulations at laboratory scales.
Real-world deployable space structures that are packaged by coiling, such as ROSA,
Starshade, and the Caltech Space Solar Power Project (SSPP), encompass a broad



95

spectrum of stiffnesses, length scales, and number of wound layers [30–33]. In
order for the wound roll damping scheme to be utilized in practice, its capabilities
must be understood in broader and more practically applicable contexts.

Hence, the objective of this chapter is to assess the performance of the wound roll
damper concept under more realistic scenarios by investigating its sensitivity to
changes in physical parameters of the coil, such as the mass, effective stiffness,
and the number of coiled layers, as well as to understand how the damper concept
performs at scale. The finite-element (FE) simulation, already employed previously,
is reused to study a geometrical and material design space that is informed from
real-world coiled space structures. The simulation model is a simplified 3D repre-
sentation of a wound roll, comprising a cylindrical solid, that approximates a set of
coiled layers, concentric with a mandrel shell held in a base-fixed configuration. In
this configuration, slip occurs solely along the coil-mandrel interface, with no slip
assumed within the coil itself. To emulate the stress state imposed by a winding
tension, the coiled layer solid is preloaded with a surface pressure, and a friction
interaction is defined between the outer surface of the mandrel and the inner surface
of the coiled layer solid.

The primary performance metric outputs from these simulations are the damping
ratio, 𝜁 , and the resonant frequency of the system where the damping ratio is mea-
sured, 𝑓𝑛. To obtain these two metrics, a sine-sweep base excitation is applied. The
simulated structural response is integrated in time, and the tip and base accelera-
tions are recorded for the sweep excitation. The simulated frequency response and
corresponding damping ratio values can then be extracted for any given configu-
ration selected from the design space. The results of the finite-element simulation
are used to determine the performance and sensitivity of the wound roll damping
concept in a realistic design space, using the resonant frequency and damping ratio
for each configuration studied. Attention is given to the range and rate of variations
to provide indications of performance, robustness, and tunability of the wound roll
damper concept.

6.2 Parameter Space and Geometry Definition
This section describes the methodology for selecting the design space in terms of
material properties and geometric parameters that will be used in the FE simulation
to study the damping and stiffness for realistic applications. These parameters are
important for the performance of the wound roll damping concept, as the material
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properties and geometry of the structure couple with the environmental loading
and contact properties to determine the structural response. Consequently, they
play a pivotal role in influencing the damping and resonant frequency performance
metrics that are extracted from the system response. Here, real-world coiled space
structures, are examined.

The geometries of the coiled structure in this simulation study are derived from
recent, state-of-the-art coilable space structures including ROSA, Caltech SSPP,
and Star Shade [32, 33, 86–91]. Multiple point designs for these structures exist
at several scales. The following specific instantiations, corresponding to the largest
versions of these structures, are selected for study: iROSA (18 m × 3 m, considering
only half of the system as the entire structure is stored in two separate rolls) [92],
SSPP (60 m × 60 m) [33], and HabEx Star Shade (52 m diameter) [32].

Table 6.1 shows the relevant dimensions and properties, including the length of
the coiled structure, 𝐿, the mandrel diameter, 𝐷𝑖, the outer diameter of the coiled
structure, 𝐷𝑜, and the mass of the coiled structure, 𝑚𝑠. Note that 𝑚𝑠 is the best
estimate of the mass of the coiled structure alone, excluding the mandrel, based on
reported areal densities, power densities, or directly stated mass metrics.

Table 6.1: Estimated Parameters for Coiled Space Structures

Structure 𝐿 𝐷𝑖 𝐷𝑜 𝑚𝑠

iROSA 3.0 m 0.5 m 0.8 m 25 kg
Caltech SSPP 1.0 m 0.4 m 1.6 m 500 kg

Starshade HabEx 3.0 m 1.5 m 4.0 m 1500 kg

Although these structures are anisotropic, i.e., composed of diverse materials, func-
tional elements, and geometric configurations, for simplicity the coiled layers in this
study are considered to be uniform, isotropic, and homogeneous, both materially
and geometrically. The masses and dimensions in Table 6.1 can then be used to
define the mean densities. Furthermore, although the structures under consideration
include elements made of relatively stiff materials, such as carbon fiber or fiberglass,
a relatively modest modulus of 𝐸 = 5 GPa is assumed for the baseline configuration
for all structures. This is within the range of stiffnesses previously calculated from
a RVE of the Caltech SSPP structure in Section 2.4 (Table 2.4) and is considered
to account for the reductions in stiffness caused by cutouts and other compositional
discontinuities. With these assumptions, the coil is fully defined, and the remaining
task is to finalize the mandrel design.
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6.3 Design Study: Mandrel Sizing
After defining the design space for the coiled layer properties, the remaining decision
is the configuration of the mandrel around which the layers are coiled. Using the
coiling diameter of the reference structures in Table 6.1, the outer diameter of
the mandrel can be determined. Thus, only the material and wall thickness of
the mandrel need to be defined. To streamline the design process and create a
generalized approach for all considered missions, aluminum has been selected as
the mandrel material, owing to its widespread application as a structural material
in aerospace. The last remaining choice is to select the mandrel wall thickness for
each mission.

Solid aluminum cylinders are not viable for launch mass constraints. Launch loads
often act as a critical determinant for structural sizing, and thus, they are assumed to
be the primary driving requirement for mandrel sizing. Hence, the mandrel’s wall
thickness to support each configuration of the coiled structure is chosen so that it
provides a 25% margin against yield (𝜎𝑦,𝐴𝑙6061 ≈ 280 MPa) under loading.

For this study, the mandrel margin is required to be compliant against two simul-
taneous loads: a transverse, quasi-static acceleration and an external pressure load.
The amplitude of the transverse acceleration loading is equivalent to typical, sinu-
soidal acceleration launch loads while accounting for dynamic amplification, which
generally exceeds prescribed steady state acceleration loading [8, 93]. The external
pressure loading arises from the wrapping pressure from the coiled structure.

The mandrel sizing simulation study is performed in ABAQUS on a 3D model of a
shell mandrel. This study continues to focus on the configuration where an isotropic
mandrel is fixed in a cantilevered arrangement with a tip mass denoted as 𝑚. The
mandrel is characterized by its length 𝐿, outer diameter 𝐷𝑖, and wall thickness 𝑡𝑚.
End stiffeners hold the mandrel circular. For this design study, the coil structure is
not incorporated. Instead, its inertia is introduced as a non-structural mass applied
on the mandrel. Furthermore, the point mass, 𝑚, situated at the mandrel’s tip is
assigned a mass equivalent to that of a solid, aluminum end cap disk, with a thickness
equal to the wall thickness of the mandrel.

The analysis is performed in a single static analysis step, with the transverse loading
and wrapping pressure applied concurrently. The magnitude of the transverse static
loading is 100 g applied as a gravity load, which is equivalent to a sinusoidal load of
1 g with 0.5% damping [94, 95]. This represents an extremely conservative design,
where the coil is assumed to act only as an added mass that provides no damping, to
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ensure the mandrel has adequate margin regardless of the behavior of the wound roll
in later simulations. The wrapping pressure assumed is 500 kPa, which is well under
the critical buckling load of a cylinder under external pressure for all configurations
considered [96]. The peak Mises stress, 𝜎𝑚𝑎𝑥 , is extracted to calculate the margin,
assuming a factor of safety of 𝐹𝑜𝑆 = 1.2, given by:

Margin =
𝜎𝑦,𝐴𝑙6061

𝜎𝑚𝑎𝑥 ∗ 𝐹𝑜𝑆
− 1 ≥ 25% (6.1)

For each of the configurations considered in Table 6.1, the design study is performed
by running the loading conditions against a range of mandrel thicknesses from
1 mm upwards. Figure 6.1 shows the calculated margin for a range of mandrel wall
thicknesses for each point design considered, assuming the corresponding added
mass estimates of the coil in Table 6.1. The mandrel thickness is given by the
intersection of the margin curve with the 25% level, Fig. 6.1.

Figure 6.1: Mandrel wall thickness design studies for each point design.

Table 6.2 summarizes of the mandrel properties described by the following metrics:

Mandrel aspect ratio, 𝐴𝑅, defined as the ratio between length and mandrel outer
diameter:

𝐴𝑅 =
𝐿

𝐷𝑖
(6.2)

Mandrel-structure mass ratio, 𝑀𝑅, defined as the ratio between mandrel mass, 𝑚𝑚,
and the structure mass, 𝑚𝑠:

𝑀𝑅 =
𝑚𝑚

𝑚𝑠

(6.3)

Mandrel-structure thickness ratio, 𝑇𝑅, defined as the ratio between mandrel wall
thickness, 𝑡𝑚, and the coiled structure thickness, 𝑡𝑠, which is found by taking half the
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difference between the estimated outer diameter of the coil from the outer diameter
of the mandrel from Table 6.1:

𝑇𝑅 =
𝑡𝑚

𝑡𝑠
(6.4)

Mandrel-structure diameter ratio, 𝐷𝑅, defined as the ratio between the coiling
diameter (mandrel outer diameter), 𝐷𝑖, and the coiled structure outer diameter, 𝐷𝑜:

𝐷𝑅 =
𝐷𝑖

𝐷𝑜

(6.5)

Mandrel bending stiffness, 𝑘 , using the modulus of aluminum for 𝐸 and the second
moment of area of each cylindrical cross-section, 𝐼:

𝑘 =
3𝐸𝐼
𝐿3 (6.6)

Table 6.2: Mandrel Properties and Metrics

Mission 𝐿 [m] 𝐷 [m] 𝑚𝑡 [mm] 𝐴𝑅 𝑀𝑅 𝑇𝑅 𝐷𝑅 𝑘 [kN/mm]
iROSA 3.0 0.5 2.5 6.0 1.2 0.015 0.625 1.0
SSPP 1.0 0.4 12.5 2.5 0.1 0.02 0.25 60.0
HabEx 3.0 1.5 10.0 2.0 0.25 0.01 0.375 100.0

Table 6.2 shows that the considered configurations span a wide range of wound roll
geometries. Having established the geometry and material specifications for the
point designs, the mandrel design study is concluded, paving the way for the full
characterization study of the wound roll.

6.4 Finite Element Simulation of Wound Roll Damping at Realistic Scales
For the vibration performance study, the coiled structure solid is incorporated into
the model specified in Section 6.3. The simulation is performed on a simplified 3D
model of a wound roll, composed of a cylindrical solid concentric with the shell
mandrel. Informed by earlier studies, which highlighted the mandrel-inner layer
interface as the most susceptible to slip, here, the assumption is made that there is
no slip within the coil, allowing it to be modeled as a solid. In this manner, the only
slipping interface is along the mandrel-inner layer boundary. In contrast to previous
simulations, which exclusively utilized shells elements for the lab-scaled model, the
increased total thickness of the coils requires using solid elements.

The coiled structure solid is assumed to be isotropic, with the outer surface of the
coil solid being preloaded with a pressure loading𝜎𝑟 . The coiled structure is defined
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by length 𝐿 and thickness, 𝑡𝑠, as illustrated in Fig. 4.1. The inner diameter of the
base of the coil was assumed to be bonded to the mandrel’s base. The mandrel
was modeled using S4R shell elements and the coil layer solid was modeled with
C3D8R solid elements.

The interaction between the innermost coil layer and the mandrel was specified
with the following contact definition. In the normal direction, the contact condition
is set to enforce hard contact, meaning that no penetration is allowed, while still
permitting separation. The friction model for the tangential direction is defined by
a Coulomb penalty friction model, with coefficient of friction 𝜇. No other form of
damping is included.

As previously stated, the friction capacity, which is the amount of force an interface
can support until slip occurs, is assumed to be equal to the product of the coefficient
of friction and the preload for the Coulomb-like model, 𝜎𝑐 = 𝜇𝜎𝑟 . Although there
are multiple degenerate combinations of 𝜇 and 𝜎𝑟 that result in the same friction
capacity, the reduced-order model makes it clear that preload influences the state of
stress in the wound roll, and consequently impacts its stiffness, and therefore affects
the vibration response. Thus, variations in both the friction and preload parameters
must be studied independently. For the coefficient of friction, this study assumes
the contact surfaces can be engineered to have arbitrary friction properties and uses
𝜇 = 0.25 for the baseline simulation case. The variation in the vibration response
of the simulated coil with friction capacity is the focus of this study, so a range of
preload values is considered.

The procedure for this simulation is as follows. First, a static analysis was performed
to apply the initial preload of the coil layer solid against the mandrel. In the
next dynamics implicit step, the assembly was subjected to an acceleration base
excitation profile and time integration of the model response was carried out. In
order to obtain the frequency response, a sinusoidal base acceleration excitation
using a 0.5 g geometric chirp from 5 to 160 Hz over a period of 20 s was applied.
The output of the sweep simulation reports the time history of the tip response of
the coil-mandrel system, as well as the base input. The Fourier Transform of the
tip response and base input, and subsequent ratio between the two provides the
transmissibility response spectrum in the frequency domain, where the damping is
estimated using the half-power bandwidth method at the resonant frequency.
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6.5 Base Configuration Simulation Results
Transmissibility Response Variation with Preload
The variations in vibration response with preload of the baseline configurations of
the coiled structures are shown in Fig. 6.2. These plots show the transmissibility of
the mandrel tip response as a function of the input frequency for different preloads,
and are largely included in this raw form for full transparency to provide an initial
insight. From these frequency responses, the variation in the estimated damping
with resonant frequency is shown in Fig. 6.3, which presents the trends in a more
standard format. While the attenuation observed in the dataset generally exceeds the
levels where the 3 dB method is understood to be accurate, damping is estimated
using this method in a manner that provides a conservative estimate. Appendix D
discusses the approach and reasoning behind this choice.
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(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.2: Transmissibility variation of baseline configurations with preload.

In Fig. 6.3, the vibration response of the structures at low preloads shows the lowest
damping and lowest resonant frequency. In all three of these cases, the lowest
preload case (10 kPa) does not correspond to the highest damping and exhibits the
highest amplitude response. An indication of this effect, where the lowest preload
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Figure 6.3: Damping (𝜁) and resonant frequency ( 𝑓𝑛) variation of baseline configu-
rations with preload.

does not necessarily result in the lowest response, was similarly observed in both
laboratory scale simulations and experiments as indicated in Fig. 5.6.

For two configurations, iROSA and HabEx, increasing the preload results in increas-
ing damping up to a critical preload point, beyond which the damping decreases.
These observations are consistent with the general characteristics of friction damp-
ing, where there exists an optimal preload configuration which results in the maxi-
mum possible damping [68]. This phenomenon arises from the inverse relationship
between the shear capacity, which controls the prevalence of slip, and the work done
by friction, both of which are governed by the preload magnitude.

The amount of energy dissipated by friction is determined by the work done by
friction forces when slip occurs. At lower preload, the shear capacity is reduced,
meaning slip is more likely to occur. However, the overall work done is reduced
due to the lower preload. Conversely, higher preload increases the shear capacity
and results in less frequent slipping. One might assume reduced slip should always
result in lower energy dissipation; however, while slip initiation is more difficult,
when slip does occur, proportionally more work is done due to the correspondingly
higher forces. Because there is an inverse correlation between slip extent and
work done, an optimal preload level that balances the two quantities exists. This
phenomenon provides insight into why damping levels do not exhibit a substantial
decrease despite an overall reduction in slip at higher preload levels.

Beyond the maximum damping point, the vibration responses of the iROSA and
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HabEx scaled structures demonstrate characteristics observed in previous laboratory-
scale experiments: increasing the winding tension above this value results in an
overall increased stiffness, but corresponds to decreasing damping. Of particular
note is that both the iROSA and HabEx scale structures are able to span a wide
range of resonant frequencies with preload variation. The SSPP scale structure on
the other hand is confined to a relatively narrow frequency range. For the SSPP
configuration, the range of preloads considered has not led to a reversal in damping-
resonant frequency; however, there is an observable trend that possibly indicates a
plateau in the behavior.

Energy Dissipation Correlation with Damping Level
Fig. 6.4 plots the frictional energy dissipation in Joules against the corresponding
damping ratio extracted for each structure configuration. Immediately noteworthy
is the maximum energy dissipation for all structures is less than 1 kJ over a 20 s
duration sweep. This suggests that the damping provided by this concept at realistic
scales does not produce significant amounts of heat.

Unlike the lab-scale simulation results in Section 4.3, the correlation in peak damp-
ing versus energy dissipation is much less clear. Previously, while the configuration
with maximum energy dissipation did not correspond to the highest damping ratio
estimate, energy dissipation was observed to be strongly correlated with the damp-
ing estimate for the lab scale simulations. This trend is not observed for the realistic
scaled simulations (Fig. 6.4).

However, focusing solely on total energy dissipation fails to acknowledge the vari-
ations in stiffness among different configurations, which leads to distinct resonant
frequencies. While the exponential sine sweep profile employed in both experiments
and simulations excite an equal number of cycles at each frequency, the duration
of a ’cycle’ depends on the frequency. Functionally, this indicates that less time
is spent at higher frequencies compared to lower ones. In the case of the wound
roll damper, the most significant dissipation rates occur at resonance, where the
extent and magnitude of slip are the largest. Because the stiffness, and therefore
the resonant frequency, vary with preload, meaningful comparison of total energy
dissipated can be obtained with suitable normalization that accounts for the differ-
ences in displacement and time between configurations. Here, energy dissipation
in Joules is converted to power dissipated per meter squared by dividing the work
done by friction, extracted from the simulation, by both the square of the peak tip
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(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.4: Damping ratio (𝜁) vari-
ation with frictional energy dissipa-
tion of baseline configurations with
preload.

(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.5: Damping ratio (𝜁) vari-
ation with normalized power dissi-
pation per meter squared of baseline
configurations with preload.

displacement, 𝑥𝑡𝑖𝑝, and the resonant frequency, 𝑓𝑛:

𝑃 = 𝐸𝐹/max(𝑥2
𝑡𝑖𝑝)/ 𝑓𝑛 (6.7)

This relation is analogous to an alternative definition of the damping ratio for
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oscillators, which relates the power dissipated to the energy stored [97]:

𝜁 ∝ Power Dissipated
Energy Stored

(6.8)

Power dissipated is obtained by relating the total energy dissipated to the natural
frequency of the system. The square of the maximum tip displacement observed is
used as a proxy for the strain energy of the model at resonance.

Fig. 6.5 plots the damping ratio against the normalized power dissipated per me-
ter squared, 𝑃. Similar to the laboratory-scale simulation, the maximum damping
observed does not precisely align with the peak power dissipation across all scenar-
ios. Nonetheless, higher damping is observed to be strongly correlated with this
rescaling of frictional work that takes into account the different stiffnesses and time
scales between configurations. This result reaffirms that the reduction in response
amplitude provided by this damping concept at real-world scales predominantly
stems from frictional dissipation.

Despite the variation in responses between these structures, a significant amount
of damping can be achieved where friction alone provides the energy dissipation
mechanism. The minimum damping ratios observed is 𝜁 ≈ 1% and significantly
higher damping configurations exist and are achievable by varying the winding
tension only.

In concluding, the geometric benefits of utilizing a coiled structure as a structural
element have been demonstrated at large scales with the observed resonant frequency
increase with winding pressure, while still maintaining elevated levels of damping.
These results suggest that the performance of the wound roll damping concept is
viable at practical scales. To gain a deeper understanding of how variations in these
configurations influence the difference in responses, sensitivity studies are explored
in the next section.

6.6 Sensitivity of Wound Roll Damper Performance
The objective of the sensitivity studies is to understand the relative effects of varying
the simulation parameters on the vibration response of the wound roll configurations.
A secondary objective is to determine whether the sensitivity studies can explain the
different behavior of the SSPP structure observed thus far compared to the other two
configurations. Specifically, the SSPP structure exhibits responses within a relatively
narrow range of stiffness observed through resonant frequency measurements, as
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well as the absence of a clear demonstration of the optimal preload for achieving
maximum damping. These behaviors are not observed in the other two cases.

For sensitivity studies, the approach is to examine how varying the design and prop-
erties of the coiled structure affects the vibration response of the system. In these
studies, the mandrel design remains fixed, as geometrically, the coiling diameter of
a structure undergoing coiling is typically determined by the minimum safe change
of curvature for the structure [98]. Thus, only adjustments to the materials and
geometry of the coil are considered. For the design variation of a real structure, ma-
terials can be changed, the arrangement and continuity of materials can be adjusted,
the contact properties between the structure and the mandrel can be modified, and
the size of the final deployed structure can be altered to achieve larger or smaller
coiled dimensions. The net effect of these design variations in real space result in
variations in the effective bulk stiffness of the coil, the coefficient of friction, and
the outer diameter of the coil when translated into the context of the simulation
framework in this study. Therefore, the three parameters under consideration for
the sensitivity studies are the structure homogenized modulus 𝐸 , the coefficient of
friction 𝜇, and the structure thickness scaling factor 𝑠 (Fig. 6.6).

Figure 6.6: Wound roll sensitivity parameters under study: homogenized modulus
𝐸 , coefficient of friction 𝜇, and structure thickness scale factor 𝑠.

To study the effect of the coiled structure’s stiffness and the friction between the coil
and the mandrel, values that bracket the baseline configuration are selected, reflecting
either more conservative estimates or more finely engineered configurations. For
the size sensitivity study, the structure coil thickness is modified by a scaling factor
𝑠 to vary the outer diameter. This can be thought as studying the sensitivity of
vibration performance to the deployable structure size. When utilizing coiling as a
packaging scheme for deployable structures, expanding the size of the final deployed
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structure can often be achieved by simply incorporating additional layers in the
coiled configuration. At the time of writing, the reference structures for the baseline
configurations represented the largest concepts proposed for each configuration.
Therefore, only scaling down from these baseline configurations is considered.

The simulation was rerun for different parameters as shown in Table 6.3. The new
sensitivity study data is plotted with the previous results and shown in Fig. 6.7,
Fig. 6.8, and Fig. 6.9, in terms of the raw responses. Fig.6.10 reanalyzes the data
presented in Fig.6.9 in relation to shear capacity. To better highlight the underlying
trends, the maximum damping for each configuration can be extracted, along with
its corresponding resonance frequency, and plotted in Fig. 6.11.

Table 6.3: Sensitivity Studies

Sensitivity Study 𝑠 𝐸 [GPa] 𝜇

Baseline 1 5 0.25
Stiffness 1 1, 10 0.25
Friction 1 5 0.125, 0.5

Size 0.25–0.75 5 0.25

From the stiffness sensitivity study in Fig. 6.7 and Fig. 6.11a, the dominant effect of
this parameter is to shift the resonant frequency of the coiled structure assembly. In
general, the peak damping achievable decreases as the structure becomes stiffer, but
remains within the same order of magnitude across a wide range of moduli values.
This result is consistent between all structure configurations and indicates that the
rate at which damping changes with coiled structure modulus is low. In certain
configurations, substantial changes in the overall assembly stiffness can be realized
by adjusting the effective modulus of the coiled structure, while minimally impacting
damping performance. Notably, the stiffness of the structure is not observed to affect
the overall shape of the damping-resonant frequency response curves for the SSPP
size structure (Fig. 6.7b).

In Fig. 6.9, the damping response curves for different coefficients of friction exhibit
a significant degree of overlap, although not necessarily at the same preload value.
This is to be expected, since the shear capacity for the Coulomb-like friction model
is given by the product of the coefficient of friction and the preload. In the test
cases considered, there are several different combinations of 𝜇 and 𝑃 that result in
the same shear capacities. This effect is better shown in Fig. 6.10, which plots the
damping ratio against the shear capacity.
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(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.7: Stiffness Sensitivity Study

(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.8: Size Sensitivity Study
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(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.9: Friction Sensitivity Study

(a) iROSA scale

(b) SSPP scale

(c) Starshade HabEx scale

Figure 6.10: Damping variation with
shear capacity.
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(a) Stiffness sensitivity study

(b) Size sensitivity study

(c) Friction sensitivity study

Figure 6.11: Maximum damping and corresponding stiffness sensitivity trends.

For the iROSA scaled structure, the responses at identical shear capacities coincide
almost exactly (Fig. 6.10a). With the SSPP and HabEx scaled structures, there are
slight offsets between the curves (Fig. 6.10b, Fig. 6.10c). This data illustrates that,
despite anticipated redundancy, the vibration performance in all cases may not be
attributed to the shear capacity value by itself. Instead, the response might exhibit
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some dependence on the individual values of the friction and preload. This result
is not surprising, as the preload changes the stress state of the system, which is
observed to affect the system stiffness. For the iROSA and HabEx scaled structures,
the maximum damping achieved is not significantly affected by the coefficient of
friction (Fig. 6.10a, Fig. 6.10c). However, with the SSPP structure, the range of
damping increases significantly for the highest coefficient of friction considered, at
the largest preloads (Fig. 6.10b). This sensitivity to shear capacity is believed to be
related to the different behavior of this structure observed in Fig. 6.3 and will be
discussed next.

For the size sensitivity study, three different behaviors are observed in response
to scaling of the structure size (Fig. 6.8, Fig. 6.11b). With the iROSA scaled
structure, there is comparatively little change in damping and resonant frequency
with size (Fig. 6.8a). This is in contrast to the SSPP structure, where the amount of
damping increases drastically as the structure becomes smaller (Fig. 6.8b). Here,
note that the shape of damping-resonant frequency response curves now exhibits
the expected behaviors for the small structure sizes, 𝑠 ∈ (0.25, 0.5): a much wider
range of resonant frequencies are observed with the responses demonstrating an
optimal preload value for peak damping. For HabEx, the dominant effect of scaling
the structure is to simply shift the vibration response to the right towards higher
frequencies as the structure size decreases, with no major changes in the maximum
achievable damping (Fig. 6.8c). As the dimensions of the structure reduce, the
inertial loading on the mandrel is reduced, leading to an increase in the stiffness of
the system.

Having finally achieved similar behaviors between the structures with the above size
sensitivity study, this result suggests that they are related to size or mass. In order
to explain the different sensitivities observed, the metrics comparing the mandrel to
the structure in Table 6.2 are revisited.

The most compelling metrics to explain the different behaviors between the structure
configurations were the diameter and mass ratios, 𝐷𝑅 and 𝑀𝑅. The diameter ratio
provides a measure of the relative sizes of the structure and mandrel: as the diameter
ratio decreases, the structure tends to become larger than the mandrel. The mass
ratio provides a measure of the relative masses of the structure and mandrel: as the
mass ratio decreases, the structure tends to become heavier than the mandrel.

Fig. 6.12 plots the diameter and mass ratios, 𝐷𝑅 vs. 𝑀𝑅, which compare the
relative sizes and masses of the structure and mandrel.
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Figure 6.12: Diameter ratio vs. mass ratio for three structures.

For the iROSA case, the mass of the mandrel dominates, as 𝑀𝑅 > 1 for all
cases. Additionally, the mandrel is a significant fraction of the structure size, with
𝐷𝑅 > 0.5. This indicates that the vibration response of this structure is expected to
be mandrel dominated, which supports the trends observed in the sensitivity studies,
where the response was relatively insensitive to the structure properties.

The HabEx case is intermediate in terms of both size and loading. The mandrel is
about the same size as the structure, as 𝐷𝑅 ≈ 0.5. However, for smaller sizes, the
overall structure mass decreases and becomes comparable to that of the mandrel.
This potentially explains why there is only a shift in resonant frequency.

The SSPP structure is an order of magnitude lower in terms of mass ratios and relative
size. This indicates that the mandrel is supporting a mass much heavier and larger
than itself, and hence the response is dominated by the coil loading the mandrel. This
explains the unique behavior observed in the friction sensitivity study in Fig. 6.10b,
where higher shear capacities result in stronger coupling between the coil and the
mandrel. As the structure becomes smaller, these effects are reduced. This suggests
that the vibration response sensitivity is dependent on the relative size of the mandrel
support and the coiled structure loading. Note that even though the mandrel design
against the applied loading was conservative, demonstrating positive margin for
extremely low damping, it is not necessarily optimized to take best advantage of the
wound roll damping concept. This result provides an interesting consideration for
redesign.

These sensitivity studies provide additional evidence that the wound roll damping
concept has many features that naturally lend themselves to scaling with material,
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geometry, and contact parameters.

6.7 Conclusion
In this study, simulations were used to investigate the efficiency of the wound roll
damping concept in realistic contexts, considering recent state-of-the-art deployable
structures for space. The structures considered covered a range of structural param-
eters, including aspect ratios, sizes, and mechanical properties. The findings of this
study confirm the potential of the proposed damper concept in achieving substantial
levels of damping in practical contexts. The lowest level of damping recorded was
around 1%, with many potential configurations surpassing this value by an order
of magnitude. These damping levels are of practical interest as they provide a
substantial decrease in vibration response at resonance, with certain configurations
approaching virtually no amplification across the tested frequency range. Further-
more, the examination of energy versus damping demonstrated that the performance
of this damping concept is achievable without generating significant amounts of heat.

The observed benefits of the damping concept at practical scales were not limited
to damping alone. The coiling form factor’s geometric considerations enable em-
bedded adjustability of the apparent stiffness in the coiled structure, providing a
dual advantage in structural design. This adjustability was demonstrated by shifts
to higher resonant frequencies with preload. These findings were consistent in all
the concepts considered.

The sensitivity of the damping concept to changes in structural stiffness, size,
and coefficient of friction was further explored. A noteworthy observation is the
difference in sensitivity between the structures considered. This aspect was notably
emphasized in the study of structure sizes, revealing a range of sensitivities among
the different configurations, spanning from nearly invariant in the iROSA case to
highly responsive in the SSPP case. This indicates that the performance of this
concept is sensitive to the relative size and mass between the mandrel and the coiled
structure. The sensitivity study also highlights another crucial aspect, which is that
identical friction capacities resulting from different combinations of preload and
coefficients of friction may not yield identical vibration responses in all cases.

A notable aspect of these results is that the damping levels observed in this study
were achieved simulating only one slipping interface. While the wound roll damping
concept can provide scalable damping with excitation through the propagation of
slip to additional layers, this study indicates that significant damping can be attained
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without additional interfaces. In this work, the coiled structure was treated as a
homogenized solid, where no slip is assumed inside the coil and slip only occurs
between the innermost layer and the mandrel. Thus, having only one friction
interface is demonstrated to be sufficient, where only the movement and deflection
of the mass and stiffness of the coil as a bulk entity is utilized in this concept. From
a practical standpoint, this result holds significance for mission designers concerned
about potential damage from interlayer slip between sensitive surfaces or active
components within coiled layers. Thus, the wound roll damping concept can be
employed, even when all layers within the coiled structure are fully constrained,
by incorporating a sacrificial interface on or between the innermost layer and the
mandrel.

The results of this study provide compelling evidence for continued development of
this damping concept through experiments at scale.
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C h a p t e r 7

CONCLUSION

This research set out to accomplish four main objectives.

1. Understand the physical mechanism of this concept by creating a theoretical
approach to determine conditions where slip is or is not expected.

2. Experimentally assess the effectiveness of this concept in reducing vibration
responses.

3. Discover how to model and simulate the behavior of this damping concept.

4. Assess whether this damping concept addresses the issues identified with
other types of dampers.

To address the first objective, the interlayer shear capacity of a wound roll was
compared against the expected stress distribution during vibration. The interlayer
shear capacity was determined by using stress field analyses, which estimated the
radial stresses at any location inside the wound roll due to tension winding. Utilizing
a Coulomb friction model, scaling these radial stresses by the coefficient of friction
provided the shear capacity, which is an estimate of the shear stresses a layer can
sustain without slip. From simple analytical studies and FEA, the magnitudes and
locations of stress that would result in interlayer slip from vibration loading were
compared against the shear capacity. For configurations that excite bending modes of
a wound roll supported by a cantilevered mandrel, slip is expected to initiate at inner
layers, towards the root. The extent of slip is determined by a coupling between the
winding preload, vibration loading level, and structure properties. From simulation
studies performed, it is expected that the winding preload can have a significant effect
on the effective stiffness of the wound roll, which impacts the vibration response.

The second research objective was achieved by designing a small scale wound roll
test sample; a process that was informed by understanding gained during the first ob-
jective. The design of the wound roll test article was sized specifically to maximize
the vibration response sensitivity to winding tension stress state for a relatively small
number of wound layers. The wound roll consisted of 25 layers of continuous Kapton
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membrane wound around a polycarbonate mandrel. This test sample was subjected
to vibration testing using a variety of waveforms and excitation levels to experimen-
tally assess the effectiveness of this concept in reducing vibration responses. From
these results, the vibration performance of this concept was confirmed. Here, the
wound roll damping concept was demonstrated to reduce the amplitude of response
irrespective of loading waveform type and loading rate, showing sensitivity only to
excitation level. Performance was observed to be sensitive to loading magnitude,
as the level of damping increased as excitation level increased. Additionally, the
resonant frequency of the overall system could be modified by varying the winding
tension. Interlayer slip was directly measured using high speed cameras, where
the magnitude of slip correlated directly with the damping level and inversely with
winding tension.

The behavior of this concept was captured via two approaches: finite element simu-
lations and a reduced order model. The finite element simulations were performed
in 3D and consisted of an inner cylindrical shell, that represented the mandrel, and
outer concentric shells or solids that represent coiled layers. The reduced order
model was a 2-DoF system that is composed of two mass-spring-damper systems
in frictional contact. Both models were demonstrated to achieve good correlation
with experimentally measured wound roll vibration response, capturing qualitative
and quantitative features. A significant amount of understanding was achieved
during the development of these models. Both of these models only simulate a
single slipping interface, but are able to capture the damping magnitude, indicating
that the innermost layer of the wound roll damper provides a significant amount of
dissipation in this concept. Additionally, the shape of the responses, namely the
positive skew for low winding tensions, was discovered to primarily result from the
nonlinear variation with winding tension of the stiffness of the wound roll as well as
the degree of mass loading that the roll applies to the mandrel. The FEA simulations
further provide additional evidence of the self-scaling nature of this concept, as the
propagation of slip through different layers and axial extents are directly observable.

Finally, the performance of the wound roll damping concept, measured through
experiments and simulations, was assessed against the limitations common to other
dampers types. Ultimately, this damper is demonstrated to not be subject to the
limitations affecting other dampers. The wound roll damping concept is observed
to be a relative motion device, invariant excitation spectra, and self-scaling with
excitation magnitude. Regardless of the loading rate or waveform, if the excitation
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is large enough to cause interlayer slip, then friction dissipation will provide damping
to the system. While stiffness and damping are still adversely related in this concept,
large increases in overall stiffness, as measured by the resonant frequency, are
achievable while maintaining significant levels of damping. Thus, this damping
concept is an integral stiffness and damping scheme that is observed to be robust
and scalable, providing tunable performance with winding tension. Furthermore,
simulations indicate that this concept is viable at realistic scales, capable of providing
significant damping and stiffness modification.

Future Work
This study exclusively focuses on wound rolls supported by a cantilevered mandrel,
exploring solely transverse excitation and bending mode shapes associated with the
first resonant bending frequency. While this may cover a wide range of applications,
it by no means completely covers all the possible configurations. Exploring the
efficacy of this concept across additional mode shapes, higher frequency modes,
loading orientations, and mounting configurations would increase understanding of
this damping concept.

This work assumes that wound rolls have continuous, large contact areas to work
with. However, particularly for deployable structures, the object being coiled will
not necessarily have uniform thickness resulting in intermittent points of contact.
A natural extension of this work would be to study how well this concept performs
with intentionally reduced contact areas. Similarly, the results of this work suggest
that for a given level of excitation, only a partial region of the roll is actively engaged
in slipping. Another possible avenue for research is to take this damping concept
to the extreme, removing the wound roll entirely, and only putting material where
slip typically occurs. While this may remove material that provides stiffness to the
assembly, this approach aims to explore whether damping performance is influenced
by the removal of non-slipping regions.

A third possible future research direction would be to study the effect of anisotropic
configurations. The results of this research thus far generally only assume isotropic
or homogenized wound rolls. Real structures, particularly deployable space struc-
tures, are not continuous, often having cutouts and other compositional discontinu-
ities where stiffening elements are not uniformly distributed. Investigations can be
conducted to identify whether the configuration or placement of stiffening elements
could significantly impact the damping and stiffness capabilities provided by this
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damping concept.

And finally, a potential avenue for future research is to determine the vibration
performance of this damping concept through experiments at realistic scales. The
simulations suggest that this concept is capable of providing significant damping
and stiffness for some of the largest deployable space structures ever proposed.
Experimental confirmation of these values would provide significant support for the
widespread adoption of this concept for vibration mitigation.



120

A p p e n d i x A

ELASTIC SLIP SENSITIVITY OF THE PENALTY FRICTION
MODEL IN FEA

The penalty friction model used through this work for the tangential contact defini-
tion in FEA simulations is defined by the coefficient of friction, 𝜇, and the allowable
elastic slip, 𝛾∗ (Fig. A.1). Here, the allowable elastic slip is defined as the absolute
magnitude of the allowable relative displacement that may occur before surfaces
begin to slip. By default, the allowable elastic slip is typically set to a fraction of
a “characteristic contact surface face dimension” [99]. Due to the vague nature of
this definition and the fact that the initial results were inaccurate with the default
setting, the parameter had to be manually configured.

Figure A.1: ABAQUS setting for elastic slip 𝛾∗. For the simulations in this work,
𝛾∗ = 1 μm.

Fig. A.2 demonstrates how the simulated wound roll vibration response changes for
the lab scaled simulation, with preload 𝜎𝑟 = 1 kPa. The simulations begin to show
better agreement with the experimental results for 𝛾∗ ≈ 1 μm. Although the response
appears to converge as the allowable elastic slip is reduced, further decreasing it
results in a significant increase in simulation run time. As such, 𝛾∗ = 1 μm was
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selected for all simulations presented in this work. Considering the experimentally
measured magnitudes of slip, this value was deemed acceptable and justified based
on data.

Figure A.2: Sensitivity of wound roll vibration response to 𝛾∗.
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A p p e n d i x B

EFFECT OF NUMERICAL DAMPING ON WOUND ROLL
VIBRATION RESPONSE

Although the FEA model used in this work specifically only incorporated fric-
tion contact for dissipation, it is essential to acknowledge that the chosen solu-
tion method for time domain dynamics introduces an additional damping source.
Abaqus/Standard employs implicit time integration operators like the Hilber-Hughes-
Taylor (HHT) or backward Euler, which may introduce numerical damping [100].
This damping arises from the approximations made during the discretization of
continuous equations of motion into a discrete time-stepping scheme. These dis-
cretization errors can result in an artificial damping effect, causing the numerical
solution’s amplitude to diminish over time. This is acknowledged as a factor that
may particularly impact simulations involving fluctuating contact conditions. Be-
cause the response transmissibility and damping levels due to contact friction are
desired outputs of the simulation, the effect of the solver must be understood.

Fig. B.1 shows the default time integration methods available through ABAQUS
CAE. The ’Transient Fidelity’ and ’Moderate Dissipation’ methods are HHT, and
the ’Quasi-Static’ method is based on backward Euler. The behavior of the HHT
method is controlled by three parameters, (𝛼, 𝛽, 𝛾) [101]. In this context, 𝛼 < 0
introduces damping, while 𝛼 = 0 provides no damping. The default ABAQUS
integration methods correspond to pre-programmed values of these parameters.
ABAQUS also allows for direct specification of custom HHT parameters (Fig. B.2).
Table B.1 shows the HHT parameters for the default ABAQUS integration methods,
as well as the case for no damping.

The choice between integration method can affect both the simulation results and
analysis computational efficiency. By default, ABAQUS uses Moderate Dissipation

Table B.1: Default parameters for the Hilber-Hughes-Taylor integrator.

Parameter Transient Fidelity Moderate Dissipation No Damping
𝛼 −0.05 −0.41421 0
𝛽 0.275625 0.5 0.25
𝛾 0.55 0.91421 0.5
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Figure B.1: Available ABAQUS dynamic implicit time integration methods: tran-
sient fidelity, moderate dissipation, quasi-static.

Figure B.2: Direct specification of Hilber-Hughes-Taylor integrator parameters
through modification of ABAQUS keywords/input file.

for models that contain surface-based contact. The sensitivity of the wound roll
vibration response to each of these integration methods was studied in order to
determine the suitable integration method. Fig. B.3 shows the vibration response
for the lab-scaled simulation (𝜎𝑟 = 10 kPa, 𝜇 = 0.45) using each integration setting.
From this plot, the Quasi-Static method does not demonstrate the expected vibration
response. The backward Euler method used in the Quasi-Static operator is known
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to be more dissipative than the HHT operator, and as such, excessive numerical
damping severely attenuates the vibration response.

The HHT operators are observed to demonstrate the expected vibration response.
Notably, there is no significant difference between any of the HHT methods, where
the default ABAQUS methods are observed to be comparable to directly specify-
ing the energy preserving integration method for no damping (𝛼 = 0). Because
increasing dissipation results in better computation efficiency, this work uses the de-
fault integration method (Moderate Dissipation) which provides the most numerical
damping among the HHT methods studied and uses a more aggressive time incre-
mentation scheme. Since the solution accuracy is not significantly affected, this
study maintains the assertion that the simulation model incorporates no damping
sources other than the contact friction interaction.

Figure B.3: Comparison of vibration response of lab-scaled simulation model (𝜎𝑟 =
10 kPa, 𝜇 = 0.45) for different integration schemes.
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A p p e n d i x C

2-DOF SIMULATION SENSITIVITY TO SMOOTH FRICTION
MODEL

The numerical 2-DoF of simulation model utilized a smooth friction model based
on the sigmoid function, 𝑆(𝑥), to address the numerical difficulties associated with
the discontinuity of the Coulomb Friction model. The degree of deviation of the
smooth model from the actual model can be controlled by incorporating a scaling
factor, 𝑠, on the input variable, 𝑥: 𝑆(𝑠𝑥). Fig. C.1 shows how the scaling factor
impacts the accuracy of the smooth representation.

Figure C.1: Effect of scaling factor 𝑠 ∈ [1, 2, 5, 10] in representing the sign function.

The sensitivity of the 2-DoF simulation to the accuracy of the smooth friction
model was studied for the correlated model described in Chapter 5, and the results
are shown in Fig. C.2. In general, there is observed to be little difference in the
range or variation of the response with the smooth friction scaling factor. However,
beyond 𝑠 = 3, the results start to show spurious spikes in the frequency responses.
The incidence of these spikes increases both with preload for a given value of scale
factor and with increasing scale factor. Because the incidence of these signals are
sporadic and scale with preload, these likely indicate intermittent convergence issues
with stick-slip. Since there is no observed impact on simulation accuracy, and the
simulation runtime increases with scale factor, the default scale factor 𝑠 = 1 was
chosen.
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(a) 𝑠 = 1 (b) 𝑠 = 3

(c) 𝑠 = 5 (d) 𝑠 = 7

(e) 𝑠 = 9 (f) 𝑠 = 10

Figure C.2: Sensitivity of 2-DoF model simulation to smooth friction model scale
factor, 𝑠. As 𝑠 increases, the friction model increases in accuracy, but results in
numerical instabilities of the overall simulation.
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A p p e n d i x D

DISCUSSION ON SUITABILITY OF 3 DB DAMPING
ESTIMATE FOR HIGH DAMPING

It is commonly asserted that the 3 dB method for damping estimation is only accurate
for low damping values, 𝜁 < 0.05 [102]. However, in this research, vibration
responses that demonstrate significantly higher attenuation have been encountered.
While there are other methods of estimating the damping from frequency responses
and other vibration data, the 3 dB method is an easy to implement, convenient
measure that relates the response peak and the bandwidth. Thus, the 3 dB method
enables useful relative comparisons between different responses, even if the damping
estimate is not accurate. The utility of the damping estimate is also dependent on
whether damping is over-predicted or under-predicted. In general, a conservative
estimate that underpredicts damping, where the actual loads experienced are likely
to be lower than predicted, is practically more useful than an over-prediction.

Another limitation with the 3 dB method is that this approach is most accurate for
linear, single degree of freedom systems, whose responses demonstrate symmetry,
or systems with modes that are sufficiently spaced apart. However, the wound roll
damping concept demonstrates nonlinear, asymmetric responses as demonstrated
by the positive skew responses at low preload. Additionally, damping can become
so high that the transmissibility is nearly flat for a large frequency span, which can
make it difficult to identify the resonant frequency of a highly damped configuration.

For these reasons, the general approach taken in this research to estimate damping
from simulated and experimental frequency responses is to apply a curve fit to the
data first, and then apply the 3 dB method to the fitted response. For this approach,
if the peak response, ideally a resonant peak, has sufficiently high prominence and
symmetry, i.e., for low damping, the 3 dB method is directly applied. However, for
sufficiently damped responses, where the prominence of the resonant peak, if it is
identifiable, or the symmetry of the response around the maximum response drops
below a set threshold, the response is fitted to a Gaussian function. This approach
ameliorates issues in damping estimation by providing a smooth, symmetric function
that approximately captures the amplitude and bandwidth of the original data. The
algorithm for this fitting procedure is shown below.
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Algorithm 1 Frequency Response Curve Fitting
For a given frequency response ( 𝑓 , 𝑇), identify the peak response: 𝑇𝑝𝑘 = max(𝑇).

if 𝑇𝑝𝑘 prominence and symmetry > Threshold then
Apply 3 dB method directly

else
Curve fit frequency response using GaussianFit( 𝑓 , 𝑇)
Apply 3 dB method to fit

end if

Algorithm 2 GaussianFit( 𝑓 , 𝑇): Fits a Gaussian function to frequency response
data consisting of frequencies, 𝑓 , and corresponding transmissibilities, 𝑇 , in the
neighborhood of the peak response.

1: For given frequency response ( 𝑓 , 𝑇), find the frequency corresponding to the
peak response: 𝑇𝑝𝑘 = max(𝑇), 𝑓𝑝𝑘 = argmax

𝑓

𝑇 ( 𝑓 )

2: Return the best fit Gaussian: 𝑇 ( 𝑓 ) = 𝑎1 · 𝑒
−
(
𝑓 −𝑏1
𝑐1

)2

, calculated on the interval
( 𝑓𝑝𝑘 − 𝑑, 𝑓𝑝𝑘 + 𝑑) ∈ 𝑓 obtained from:

maximize
𝑑

𝑑

RMSE(𝑇,𝑇 ; 𝑑)

subject to 𝑇 ( 𝑓𝑝𝑘 − 𝑑) = 𝑇 ( 𝑓𝑝𝑘 + 𝑑) ≤
𝑇pk√

2

where RMSE(𝑇,𝑇 ; 𝑑) =

√︄
1
|𝑑 |

∫ 𝑓𝑝𝑘+𝑑

𝑓𝑝𝑘−𝑑

(
𝑇 (𝑥) − 𝑇 (𝑥)

)2
𝑑𝑥

A question arises regarding the suitability of this method for accurately reflecting the
frequency response. Note that although the frequency response plots demonstrate
asymmetry and positive skew, it is important to realize that these plots do not have
the same axes scales, and thus the asymmetry is exaggerated. For systems with even
moderate damping, where the range of transmissibility, 𝑇 , is an order of magnitude
lower than the 3 dB bandwidth, Δ 𝑓3𝑑𝐵, the Gaussian fit is observed to be a good
approximation to the frequency response in the neighborhood of peak response using
any typical curve fitting error estimate. Here, the Root Mean Square Error (RMSE)
is used in the GaussFit function (Algorithm 2).

Fig. D.1 compares the estimated damping of a 1-DoF mass-spring-damper system
obtained from direct application of the 3 dB method and the approach where the
frequency response is first fitted, and then the 3 dB method is applied to the fit.
Observe that both approaches are relatively accurate in estimating the prescribed
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damping value until 𝜁 = 0.2. Beyond 𝜁 = 0.2, the direct 3 dB method over-predicts
the damping while the fitting method under-predicts. While error increases as
damping increases, the fit method remains within the same order of magnitude up
to relatively large damping values of 𝜁 = 0.5. Thus, the approach of first fitting
the frequency response is used to provide conservative damping estimates used
throughout this research. In all plots where damping is depicted with an error bar,
this work adopts an additional conservative approach by assuming that the estimated
damping is higher than the actual value and thus, the displayed estimate includes a
lower bound error bar, derived from the error estimate in Fig. D.1.

Figure D.1: Prescribed damping of a 1-DoF mass-spring-damper system (𝑚, 𝑘, 𝜁) =
(1, 1, 𝜁) vs. damping estimated via: 1. Direct application of 3 dB estimate 2. Curve
fitting, then applying 3 dB estimate on fit. After 𝜁 ≈ 0.2, 3 dB method over-predicts
while curve fit method under-predicts damping.
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A p p e n d i x E

EXPERIMENTALLY MEASURED INTERFACE MECHANICAL
PROPERTIES OF PRESTRESSED LAYERED SOLIDS

(KAPTON)

E.1 Introduction
This body of work demonstrated that the vibration response of the wound roll
damping concept is dependent on the effective mechanical properties of the coil.
Both simulations and experiments indicate that the shear modulus of the coil can
significantly affect the resonant frequency of the roll assembly. Additionally, the
shear capacity between layers within the roll directly influences the occurrence and
propagation of slip during excitation. The coil’s mechanical responses to loading
varies with interlayer friction forces, which are generated and controlled by the
degree of preload and contact behavior between the interfaces that preload the
individual layers into a prestressed, layered solid. The accuracy of simulation
and numerical models depends on these properties; therefore, having models and
measurements that closely approximate real behavior is crucial to obtain correlation
between simulations and experiments.

There are numerous techniques available for measuring the mechanical properties of
wound rolls, each with its own set of challenges and limitations. Some methods aim
to measure these properties in situ from the wound roll, which has the advantage
of accurately capturing the geometric configuration and boundary conditions of
interest, as well as the state of stress from winding. However, a number of these
approaches rely on indirect measurements, such as hardness, density, and acoustic
methods, which require empirical conversions and correlations to the desired metrics
[60]. While there are alternative direct in situ measurements, many of these methods
ultimately focus on assessing the properties at specific layer interfaces within the
wound roll, providing only single data points. For example, the core torque test and
the axial press test directly measure the shear forces required to induce interlayer
slip, but they can only do so at individual interfaces [45, 47].

An alternative approach is to study layered interfaces in a flat configuration rather
than in the cylindrical geometry of fully wound rolls. Previous experiments, testing
the mechanical response of preloaded layer interfaces, indicate several behaviors
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and sensitivities of interest for the wound roll damping concept. Stack compression
and bending tests reveal that moduli, recoverable deformation, and the overall force-
deflection hysteresis behavior can vary significantly with the number of layers [50,
103]. Studying singular interfaces also provides valuable information, such as mea-
surements of friction forces during slip, which can demonstrate complex behaviors
that cannot be fully explained or approximated by the simple Coulomb model [104,
105]. Investigations into the frictional contact behavior between surfaces during
slip highlight additional sensitives to factors such as loading rate and length scale
dependence [54, 106–111].

In previous sections of this study, properties such as shear modulus and shear
capacity were indirectly assessed using resonant frequency of vibration. Moreover,
friction behavior was assumed to follow a Coulomb-like model. Thus, there is
a gap in direct confirmation of how the shear modulus and shear capacity of the
stack vary with preload prior to slip, as well as the suitability of Coulomb-like
models for accurately describing the hysteretic force-displacement behavior during
slip associated with the frictional damping concept. The objective of this section is
to experimentally measure the mechanical properties of prestressed, layered solids
that affect the performance of the wound roll damping concept with a focus on the
sensitivities identified in previous studies such as dependence on number of layers
and loading rates.

To do this, a mechanical shear testing device is designed in order to study both the
aggregate behavior of layer stacks and frictional behavior of individual single layer
interfaces through shear loading. In this section, the focus lies on the examination
of Kapton layer stacks and the Kapton-Kapton interface motivated by the wound
roll test sample used throughout this work. Among the existing methods and
device architectures used to measure the desired tribological quantities [112], double
direct shear testing (DDS) was selected. Based on this concept, the shear testing
machine built consists of a shear platen with two actuators arranged in symmetric
configuration that preloads a flat test sample against each side of the shear platen. The
shear platen is then driven to shear the test samples, where force and displacement
are recorded.

The selected double shear testing configuration offers several advantages. Firstly,
having large contact areas is generally regarded to increase the sensitivity to friction
forces by averaging friction force measurements over larger surfaces as compared
to other point contact based tribometers [60, 113]. Moreover, unlike single shear
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setups, this configuration provides a symmetric and balanced design, simplifying
fixture design. And finally, in contrast to gravity-based methods such as the inclined
or horizontal plane and pulley-based designs, the double shear configuration allow
for driven forcing which enables more complex loading profiles and adjustable
loading rates.

Several loading profiles are utilized in this study, including step velocity and constant
velocity loadings, which are the most common and generally occur at fairly slow
speeds. Additionally, a sinusoidal profile is included to provide data at higher
loading rates. Several metrics are of interest in these experiments include the
variation of shear modulus with preload, shear capacity, hysteresis behavior, and
load rate sensitivity.

E.2 Experiment Setup
The chosen experimental setup, double direct shear testing (DDS), commonly re-
ferred to as shear sandwich testing, is a method typically employed for assessing
the shear strength of materials and determining the coefficient of friction between
surfaces (Fig. E.1). The DDS fixture used in this work consists of two double acting
pneumatic cylinders that are mounted to a stainless steel support bar interacting with
an aluminum shear platen (Fig. E.2). The piston of the pneumatic actuators are sup-
ported by ball bearing carriages that interface with a linear guide rail that is likewise
attached to the stainless steel support. The purpose of the linear rail support is to
prevent vertical deflection of the contact surfaces driven by the pneumatic cylinders
in response to shearing forces applied by the movement of the shear platen.

In this implementation, a pair of identical test samples is positioned on either side
of the shear platen. The test fixture then applies normal stresses through the two
pneumatic cylinders to press the test samples up against an axial shear platen. The
pressure setpoint of the pneumatic cylinders is controlled via an SMC ITV1050-
01N2S4 electro-pneumatic digital pressure regulator (Fig. E.3).
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(a) Undeformed. (b) Deformed.

Figure E.1: Double Direct Shear schematic.

(a) Retracted pneumatic actuators. (b) Extended pneumatic actuators.

Figure E.2: Double Direct Shear testing fixture with normal preload pneumatic
actuators retracted and extended.

Figure E.3: Pressure regulation connection diagram for DDS test fixture.
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The shear platen is connected to an actuator with a load cell and displacement
sensor which measure the shear forces 𝐹 and the displacement 𝑦. The actuator
is then driven to apply shear loads to the test sample. The shear fixture is used
with two different testing machines, which provide the shear platen actuation and
measurement acquisition. The first testing machine is the Instron 5569 which is
utilized for step velocity and constant velocity experiments (Fig. E.4a). Because
the Instron 5569 is rate limited, with a peak velocity of approximately 8 mm/s,
the Electroforce 3200 Dynamic Mechanical Analyzer (DMA) is employed as the
second testing machine to support sinusoidal loading profiles at higher loading rates
(Fig. E.4b). The Electroforce 3200 has a load capacity of 225 N and a frequency
range of 100 – 300 Hz.

(a) Instron 5569 Universal Testing Ma-
chine.

(b) Electroforce 3200 Dynamic Mechanical
Analysis (DMA) Tester.

Figure E.4: Testing machines used for measurement of mechanical properties of
prestressed layered solids (not to scale).

Similar to the vibration experiment, the layer samples under test are 2 mil thick
Kapton®HN sheets that are cut to match the area of the contact surfaces of the
pneumatic pistons, approximately 45 mm x 45 mm. Additionally, to ensure that
all slipping interfaces are Kapton-Kapton, the aluminum contacting surfaces of the
DDS fixture are covered with adhesive-backed Kapton Fig. E.5.
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Figure E.5: Contacting surfaces of the DDS test fixture. Surfaces highlighted in red
are covered with adhesive backed Kapton to ensure only Kapton-Kapton interfaces
between all contact surfaces.

E.3 Shear Modulus and Shear Capacity of Preloaded Layers Prior to Slip
This work first begins by studying the mechanical response of preloaded stacks of
multiple layers under shear prior to the onset of slip, as depicted in Fig. E.1 using
the Instron testing machine. In these experiments, two identical stacks of layers are
placed into the test fixture and preloaded with pressure, which varies for each test
case. In this scheme, there is a uniform normal preload 𝐹𝑁 applied to all layers. The
shear platen is then driven at a constant, force controlled loading rate of 1 N/min
from experiment initialization until large scale slip is observed. Initial, exploratory
testing indicated that macro-scale slip is clearly identified by either a sudden drop in
force or a sudden increase in displacement rate of the Instron actuator. The Instron is
programmed to terminate the test if it detects either a force drop above 1 N threshold
or a displacement beyond 1 mm. The maximum force the stack can support before
the onset of macro-scale slip is defined as the shear capacity:

max 𝐹
��
prior to slip = 𝐹𝑐 (E.1)

Although the wound roll vibration experiment involved 25 layers, here significantly
larger layers are considered to determine the sensitivity of the loading response to
the number of layers. Fig. E.6 shows force-deflection curves for multiple repeat
trials of 50 and 100 layers of Kapton under a range of different normal preloads.
Note that the normal preloads 𝐹𝑁 are converted into stresses 𝜎𝑁 assuming the



136

full contact area is active and constant (Fig. E.5) to facilitate comparisons with
interlayer pressures from wound roll experiments. The force-deflection response
exhibits minor initial non-linearity, which is assumed to be a consequence of effects
such as fixture compliance because of the small displacement magnitude and force
monotonicity up to the defined macro-scale slip event. Overall, there is a strong,
approximately linear trend. From this data, the shear capacity is determined by
identifying the maximum shear force before macro slip occurs (Fig. E.7), and the
shear stiffness is obtained by from the slope of a linear fit of the force-deflection
curves (Fig. E.8).

Figure E.6: Deflection vs. shear force trends for preloaded layered Kapton. Color
gradient from blue to red denotes increasing applied preload. Solid lines corresponds
to experiment performed with 50 layers. Dashed lines corresponds to experiment
performed with 100 layers.

The macro-slip event is evident in Fig. E.6 by the abrupt transition to a horizontal
trend, indicating that subsequent motion occurs at constant forces after the shear
capacity is reached. Fig. E.7 shows how the shear capacity varies with applied
preload from the pneumatic cylinders for the different number of layers considered
in this experiment. Note that the 50-layer dataset is partially incomplete due to an
oversight in the experimental procedure, where the loading profile was set too low
to induce slip. Two observations are evident here. First, the shear capacity trend
is approximately linear and increases with preload. Second, shear capacity does
not appear to be sensitive to the number of layers in this experiment. This result is
not unexpected, as the experimental setup uniformly preloads all layers in the stack.
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Consequently, each layer interface should exhibit identical shear capacity regardless
of the number of layers, assuming all other factors are equal. In these experiments,
slip typically occurs directly at the shear platen.

Figure E.7: Shear capacity vs. applied preload for layered Kapton. Shear capacity
linearly increases with preload and is insensitive to the number of layers.

Fig. E.8 shows how the shear stiffness varies with applied preload from the pneumatic
cylinders for the different number of layers considered in this experiment. Shear
stiffness is observed to linearly increase with preload, as expected. Moreover, shear
stiffness is observed to decrease with the number of layers. While more data would
provide better indications of this trend, this is expected as shear stiffness is a length
scale dependent quantity. Using the diagram in Fig. E.1a, the shear stiffness, 𝐾𝑠,
for an object with effective shear modulus 𝐺, cross-section area 𝐴, and thickness 𝑡
is given by:

𝐾𝑠 =
𝐺𝐴

𝑡
(E.2)

Under simple shear loading applied by the DDS test, increasing the number of layers
increases the thickness of the assembly, which reduces stiffness.
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Figure E.8: Shear stiffness vs. applied preload for preloaded layered Kapton. Shear
stiffness linearly increases with preload. Shear stiffness appears to reduce with
number of layers.

Using Eq. E.2, a crude estimate for the shear modulus can be obtained, equivalent
to taking the slope of the stress strain curve in accordance to the method listed in
ASTM E143-20 [114] for the dimensions depicted in Fig. E.1a:

𝐺 =
𝜏

𝛾
=
𝐹/𝐴
Δ𝑦/𝑡 (E.3)

This hinges on a significant assumption that the actual deformation of the stack
linearly increases between the contact surfaces, allowing it to be approximated as
simple shear. Fig. E.9 shows the variation in shear modulus with applied normal
preload for different stack layers. Regarding sensitivity to number of layers, shear
modulus appears to increase with the number of layers in the stack, which arises
directly from the scaling with the stack thickness 𝑡. More data would be required
to make conclusive statements on this trend. Under similar preloads, the estimated
shear moduli are well within the range of apparent shear moduli estimated from
simulations in previous chapters. However, there is an apparent underestimation of
the maximum shear modulus, where the estimated ranges to approximately 107 Pa.
One conjecture is that this discrepancy might stem from variations in boundary
conditions between wound roll geometry and the flat test samples. The coil forms a
continuous spiral, where any given section of the membrane is restrained by other
sections of the coil, whereas the DDS test setup features unbounded, free edges
(Fig. E.10). The implementation of boundary restraints has the potential to increase
stiffness, and hence, estimated modulus from this approximation.
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Figure E.9: Shear modulus vs. applied preload for preloaded layered Kapton. Shear
modulus linearly increases with preload.

(a) Free edge boundary conditions of layer
test samples in the DDS test.

(b) Constrained boundary condition typical
of a given section of a wound roll layer
located away from free edges.

Figure E.10: Different boundary conditions between segments in planar shear testing
vs. wound roll geometry.

In general, there does not appear to be significant relevance of the sensitivity of the
mechanical properties of planar, preloaded multi-layered solids undergoing shear to
the performance of the wound roll damping concept. The experimentally measured
shear capacity and stiffness vary more significantly with the preload than the number
of layers. As such, the remainder of this work will investigate the frictional contact
behavior between singular interfaces.
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E.4 Interface Friction Behavior Characterization During Slip
The remainder of the experiments are focused on characterizing the friction behavior
of singular interfaces during slip. The previous multi-layer experiments indicated
that the shear capacity prior to macro slip is linear with preload. This suggests that
testing at a single preload value is sufficient, and in this case, the maximum preload
setting is chosen. For these experiments, all layer samples are removed, and the only
interface is between the pneumatic contact surfaces and the shear platen, which as
previously stated are both covered with Kapton to ensure a Kapton-Kapton interface
similar to that of the vibration experiment (Fig. E.5).

In these experiments, the goal is to study in greater detail how the friction forces
change after the previously identified macro slip occurs and to allow the slip to
continue for a longer duration to observe variations. The aim is to determine
whether the frictional behavior is more complex than what traditional Coulomb
friction, which assumes a constant friction coefficient, can explain.

Initial Attempt Using Rate and State Framework: Step velocity Loading
There is a substantial body of work measuring and describing laboratory-derived
friction laws and among these, “rate and state” (RAS) is a widely studied model
[55]. Rate and state is a theoretical framework used to describe the behavior of fric-
tional interfaces, whose popularity stems from its ability to describe experimentally
measured frictional behavior under varying conditions, particularly in geological
contexts such as earthquake mechanics. This framework describes how the friction
forces between two surfaces depends on the slip rate and the history or “state” of
the contact surfaces, which can change over time, even for constant sliding rates.
Depending on the treatment, the state of the contact interface is considered as a
proxy for the evolution of factors such as the contact area, macroscopic surface
roughness, or microscopic asperities over a characteristic length scale. This model
has been shown to be relevant not only for geological materials but also for plastics
[106].

An initial attempt was made to determine whether the RAS model could accurately
describe the friction behavior between Kapton. The RAS friction law provides a
statement of the dynamic friction as a function of the sliding velocity𝑉 , and state 𝜃,
relative to a reference velocity 𝑉𝑅, the coefficient of friction at that steady reference
velocity 𝜇𝑅, and characteristic length scale 𝐷𝑅, with empirically derived constants
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𝑎 and 𝑏, given by:

𝜇 = 𝜇𝑅 + 𝑎 ln
(
𝑉

𝑉𝑅

)
+ 𝑏 ln

(
𝑉𝑅𝜃

𝐷𝑅

)
(E.4)

The state variable 𝜃 has time dependent behavior, typically referred to as the “state
evolution law”, that has several model forms based on different experimental ob-
servations, but is commonly described by an exponentially decaying behavior [54,
115]. The state evolution law typically assumes a form where, for steady state
sliding, 𝑑𝜃

𝑑𝑡
= 0 results in 𝑉𝑅𝜃

𝐷𝑅
= 1. This results in the second term in Eq. E.4 being

eliminated, allowing the empirical constants 𝑎 and 𝑏 to be decoupled and determined
through fitting experimental data.

Step velocity profiles, alternating between steady sliding at two velocities through
step changes, are commonly used in experiments for measuring rate and state friction,
since they offer a controlled method to observe changes in frictional resistance
following abrupt changes in sliding velocity (Fig. E.11).

Figure E.11: Step velocity profile use to measure dynamic friction.

Fig. E.12 depicts the notional expected friction response with slip distance 𝑦 when
an interface that exhibits RAS behavior is subject to step velocity loading. The em-
pirical constants are determined relative to the difference in the measured response
between steady sliding sections.
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Figure E.12: Notional expected dynamic friction RAS response to step velocity
profile at two steady state velocities 𝑉1 and 𝑉2. Relative magnitudes of measured
friction coefficient between steady sliding sections used to determine the values of
constants 𝑎 and 𝑏.

Using this framework, a series of tests were conducted on the DDS tester with step
velocity profiles, employing a range of velocities from 0.1 – 100 μm/s, to determine
whether RAS is a suitable model for describing measured friction behavior between
Kapton-Kapton interface. In accordance with the typical conventions, the velocities
of the step profile, (𝑉1,𝑉2), are paired such that 𝑉2 = 10𝑉1 and velocity changes
are made every 0.5 mm until the shear platen slips 3 mm in total. The force
measured from the Instron is converted to friction assuming prior to the onset of
slip, the normal preload can be related to the friction force according to the Coulomb
Friction model (Fig. E.13):

𝜇 =
𝐹𝑐

2𝐹𝑁
(E.5)
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Figure E.13: Double direct shear free body diagram for single interface.

In examining the experimentally measured behaviors, it was observed that and not all
behaviors matched the expected notional profile depicted in Fig. E.12. To determine
whether this was possibly an effect of loading rate, an additional set of experiments
was conducted by repeatedly running trials using the same step profile to assess
consistency. These trials were conducted in batches of three, with the fixture reset
by unloading and reloading the preload between each batch. Similar stochastic
variation in responses was observed, indicating that the variability behavior was not
solely determined by loading rate variation.

Fig. E.14 illustrates three distinct classifications of behaviors observed in this dataset.
The behavior up to approximately 0.5 mm of slip is relatively consistent across all
tests and is believed to originate from the test apparatus, such as the fixture and
actuator. Therefore, this portion of the data is ignored. After 0.5 mm, the measured
friction forces across all tests exhibit periodicity and relative consistency, indicating
that both the steady-state and transient responses are stable. Within a given batch, the
experiments demonstrated excellent run-to-run consistency, however the response
is necessarily consistent from batch to batch after the fixture is reset.

In order to attempt to identify these behaviors, the RAS model was re-evaluated for
different combinations of constants 𝑎 and 𝑏 to assess the sensitivity of the model to
different terms in Eq. E.4. Fig. E.15 shows the variation in responses for alternating
constants set to zero. Comparing Fig.E.14 and Fig.E.15 highlights the stochastic
nature of friction, where the observed experimental behaviors encompassing all
theoretical behaviors.
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(a) Behavior 1

(b) Behavior 2

(c) Behavior 3

Figure E.14: Example variation in ex-
perimental friction behavior response
for identical experiment parameters.

(a) 𝑎 ≠ 0, 𝑏 ≠ 0

(b) 𝑎 = 0, 𝑏 ≠ 0

(c) 𝑎 ≠ 0, 𝑏 = 0

Figure E.15: RAS model variation in
response for different combinations of
constants 𝑎 and 𝑏.

The experiment results indicates that the RAS model provides an appropriate de-
scription of the measured friction behavior, but the stochastic nature of the ex-
periment responses makes fitting a single model and translating it into simulation
challenging. Given this difficulty, a qualitative evaluation of the experimental trends
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was performed to assess sensitivity and impact of the observed friction behaviors.

Several observations can be made from the data in Fig. E.14. First, while the
coefficient of friction does show rate dependence, the variation is relatively minor
where the coefficient of friction remains well bounded between 𝜇 ∈ (0.1, 0.35)
through all experiments with a large subset of the data clustering around the range
𝜇 ∈ (0.2, 0.3). Second, in general, the transient response due to state evolution
decays very rapidly over very short distances, as evident by the transitions between
steady state sliding. Consequently, the impact on frictional energy dissipation is
minimal. This fact is evident in Fig. E.16, which plots the measured force vs. time
from one experiment with a particularly exaggerated transient response, along with
the estimated friction energy dissipated, 𝐸𝐹 , calculated via:

𝐸𝐹 =

∫
𝐹𝑐𝑑𝑦 (E.6)

Despite the initial overshoot in measured force during the velocity step transition, the
transient response is unnoticeable in the cumulative energy dissipation plot because
the force decays to the steady sliding response over a very short distance.

Figure E.16: Measured shear force during experiment plotted with estimated fric-
tional energy dissipation. Despite large force transient, the effect is unnoticeable in
estimated friction work done due to short active distance.

These results diminish the significance of state and time-dependent effects, while
placing greater emphasis on rate dependence. Hence, the friction estimates from the
steady sliding segments are isolated and depicted in Fig. E.17. Note that the error
bars in the figure signify the cumulative variability observed across repeated step
velocity tests, as well as tests with a shared velocity set point (Ex: Step velocity tests
(𝑉1, 𝑉2) at (0.1,1) and (1,10) μ m/s have a common slip rate set point at 1 μm/s).
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Figure E.17: Estimated coefficient of friction as a function of slip rate.

The measurements presented thus far were obtained under relatively slow sliding
velocities (0.1 – 100 μm/s). The Instron 5569 can reach speeds of up to approxi-
mately 8 m/s, however, a noticeable deterioration in data quality was observed when
attempting higher velocities with step velocity profiles. Fig. E.18 illustrates this
effect, displaying data from two distinct step velocity profiles that share a common
velocity set point at 0.5 mm/s. Apart from failing to align with any anticipated
friction profiles, there is also a noticeable increased discrepancy in the measured
behavior for identical sliding velocities when the loading profile involves higher
velocities than presented in Fig. E.18.

Figure E.18: Comparison in data quality between step velocity profiles using Instron
5569 testing machine. Despite sharing a common velocity set point, the measured
forces deviate significantly.
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Rate dependence investigation
Constant Velocity Loading

From the current set of experimental results, there are indications of rate-dependence
in the friction behavior of a Kapton-Kapton slipping interface. However, there are
issues when attempting to obtain consistent results from step velocity profiles at
higher loading rates. The challenge lies in discerning whether these disparities
originate from shortcomings in the physical experiment setup, the inherent non-
smoothness of the step velocity loading profile, or if the measured responses reflect
genuine phenomena arising from the complex and stochastic nature of contact.
Considering the friction behavior’s relative insensitivity to state, the focus of this
work shifts from the RAS description towards investigating its rate dependence.
Given that the most significant data was obtained from the steady sliding sections
of the step velocity profiles, a logical next step is to directly test steady sliding
for constant velocity loading. This simpler profile eliminates the multiple sharp
transitions found in the discontinuous step velocity profile in order to help determine
whether sliding rate uniquely defines the coefficient of friction at the interface of
interest.

The previous experiment was repeated with a constant velocity ranging from 0.001
to 8 mm/s, overlapping with the range tested in the step velocity profile. Using
a single, constant velocity enables testing at significantly higher velocities while
maintaining good measurement quality. Fig. E.19 shows the constant velocity data
using three trials for each test plotted together with the previous step velocity data.
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Figure E.19: Variation in friction with loading rate obtained with step velocity
and constant velocity loading profiles. Friction appears approximately velocity
independent when measured with constant velocity loading.

The friction measurement appears to be approximately rate-independent when
loaded under constant velocity, indicating that the step velocity test profile po-
tentially does influence the friction response.

Sinusoidal Loading

In light of the potential profile dependence noted, it is significant to highlight that
none of the tested loading profiles thus far necessarily correspond to the loading
conditions of wound roll vibration investigated experimentally in this research. Dur-
ing the experimental interlayer slip measurements conducted with the roll subjected
to a sine dwell at its resonant frequency, the tracking targets exhibited periodic
sinusoidal motion with an amplitude of approximately 0.02 mm. At the roll’s res-
onant frequency of around 140 Hz, this corresponds to a velocity of roughly 20
mm/s. Because this velocity exceeds the capability of the Instron, the test setup was
transferred to the Electroforce DMA.

While the Electroforce is nominally capable of excitations up to 300 Hz, it is subject
to additional limitations that reduce capability. First, the Electroforce actuator is
actively controlled and the closed-loop controller becomes unstable at low ampli-
tudes, which sets a lower limit on the permissible profile amplitudes (Fig. E.20).
Second, the maximum load rating for the Electroforce load cell is 225 N. This limit
can easily be exceeded during high-frequency, displacement-controlled excitation
due to the mass of the shear platen alone, even before considering the additional



149

forces required to induce slip against the clamping force from the symmetric DDS
normal preload.

Given these constraints, these two constraints, it was not possible to reliably per-
form displacement-controlled sinusoidal loading that matches the experimentally
measured profile. During initial testing and fixture bring up, a limited subset of
high-frequency data was obtained, and some of this data is presented. However,
controller instabilities during displacement control against high clamping preloads
led to damage in multiple load cells, ultimately requiring the cessation of any further
high-frequency tests. As a workaround, the desired velocity amplitude is approx-
imated by operating at lower frequencies to stay within the load cell’s force limit,
while using higher amplitudes to prevent controller instability.

(a) Stable Electroforce test run. (b) Unstable Electroforce test run.

Figure E.20: Stable vs. unstable Electroforce test runs. Commanded profile: 0.03
mm amplitude sinusoidal loading at 140 Hz. A stable displacement controlled, run
matching the commanded profile, was achieved in 1 out of 20 attempts.

Using the Electroforce, two sets of sinusoidal loading profiles were conducted.
The first method employed force-controlled loading to demonstrate the evolution
of hysteretic force-displacement behavior in friction from loading which produces
minimal-to-no slip to levels where full macro-scale slip is observed. The second
profile used displacement-controlled loading with large enough extents to guarantee
smooth, periodic motion with sections of full slip conditions.

Fig. E.21 illustrates force-displacement data obtained using force-controlled load-
ing, where the force set point was incrementally increased between experiments.
Each figure contains the results of three trial runs for every loading profile.During
cyclic loading aimed at friction dissipation, the force-displacement relationship is
expected to produce hysteresis loops, allowing estimation of the energy dissipated
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as heat from the enclosed area within the loop. For sufficiently low forcing, the
force-displacement curve is approximately linear with virtually no dissipation, sug-
gesting nearly fully recoverable displacement (Fig. E.21a and Fig. E.21b). As the
forcing increases, the hysteresis loop becomes more pronounced, accompanied by a
corresponding increase in loop area (Fig. E.21c and Fig. E.21d). The shape of the
hysteresis displays an approximately smooth response, devoid of sharp transitions,
unlike the exact Coulomb Friction model. These measurements offer further valida-
tion for the Coulomb friction approximations employed in simulations, such as the
penalty and smoothed models, extending beyond considerations of computational
efficiency.

(a) Force set point 1 (b) Force set point 2

(c) Force set point 3 (d) Force setpoint 4

Figure E.21: Force control sinusoidal loading. Loading amplitude increases from
set point 1 to 4. Hysteresis area increases with loading amplitude.

To showcase the hysteresis behavior for conditions with pronounced slip, the experi-
ment was repeated with displacement control with significantly larger displacement
amplitudes. Fig. E.22 shows the measured hysteresis for displacement-control pro-
files with varying normal preloads. A notable characteristic of the behaviors in
these plot is the presence of longer segments of significant displacements at ap-
proximately constant, limiting force, which is the maximum recorded force in each
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experiment. This suggests an overall Coulomb-like hysteresis behavior, where the
constant force slipping sections are occurring at the maximum force the frictional
interface can support, which is the shear capacity. Similar to the shear capacity trend
observed previously, the variation in shear capacity with normal preload estimated
from sinusoidal loading is observed to follow a linear trend (Fig. E.23). Therefore,
testing at a single preload value is deemed adequate for gauging the rate dependence
of friction through sinusoidal loading.

(a) 𝜎𝑁 = 60 kPa (b) 𝜎𝑁 = 80 kPa

(c) 𝜎𝑁 = 110 kPa (d) 𝜎𝑁 = 140 kPa

Figure E.22: Subset of displacement control sinusoidal loading at 0.25 mm ampli-
tude showing variation in hysteresis area with applied normal preload.
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Figure E.23: Shear capacity vs. applied preload for sinusoidal loading. Shear
capacity linearly increases with preload.

To explore the influence of loading rate on Kapton-Kapton friction using sinusoidal
loading, a displacement-controlled profile was adopted, incorporating a maximum
loading amplitude of 0.1 mm and excitation frequencies of up to 25 Hz. Fig. E.24
plot the sinusoidal data with the previous friction data obtained with the alternate
loading profiles considered in this work.

Figure E.24: Variation in friction with loading rate obtained with, step velocity,
constant velocity, and sinusoidal loading profiles.

The velocities encountered by the interface during the sinusoidal loading profiles
considered are observed to overlap with the velocity range covered by the constant
velocity data. In the overlap region, the sinusoidal testing reports similar coefficient
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of friction values (𝜇 ≈ 0.25). At higher velocities beyond this range, the coefficient
of friction exhibits an increase with shear rate.

E.5 Sensitivity of Wound Roll Vibration Simulations to Experimentally Mea-
sured Rate Dependent Friction

The primary objective of these experimental measurements was to obtain friction
behavior data for Kapton-Kapton interfaces that could be used to define the contact
behavior in simulations, in order to correlate the FEA model of the wound roll
damper with experimentally measured wound roll vibration responses. Based on this
data, two friction models were selected for testing. The first model, with constant
friction at 𝜇 = 0.25, was chosen because the constant velocity results indicated
relevancy over a wide velocity range. The second model, with rate-dependent
friction following the fit shown in Fig. E.24, was selected because it encompassed
the measurements from all loading profiles tested. These friction models were used
in the FEA simulations of the wound roll subjected to sine sweeps. Ultimately,
there was no significant difference in the responses between the two models and
the simulation results using either model demonstrated good correlation with the
wound roll vibration experiment measurements (Fig. E.25). This suggests that
the simple constant friction model was sufficient to describe the contact behavior,
indicating that the response is insensitive to loading rate in this context. Therefore,
the simulations in this study employ the penalty approximation to the Coulomb
model, using 𝜇 = 0.25 for the lab-scale simulations.

(a) FEA simulated frequency responses
with constant friction model.

(b) FEA simulated frequency responses
with rate-dependent friction model.

Figure E.25: Comparison between simulated and experimentally measured fre-
quency responses for different friction models. Preload increases from blue to red.
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E.6 Conclusion
In this chapter, experiments were performed to directly measure the mechanical
properties of prestressed layered Kapton, encompassing measurements of shear
stiffness, shear capacity, and friction under varying conditions such as preload,
layer count, and loading rates, along with analyses of hysteresis behavior. Various
loading profiles including step-velocity, constant velocity, and sinusoidal velocity
were employed to investigate these properties. The results indicated that while
friction models such as rate and state may be appropriate for describing the complex
behavior of interface contact, in this application, friction was observed to be more
sensitivity to loading rate effect than state or length scale dependent effects.

Continued investigation on the sensitivity to slip rate revealed diverse friction be-
haviors with shear velocity across different velocity profiles. Constant velocity
loading resulted in approximately constant coefficient of friction across a wide slip
rate range. Aside from a limited region where the tested shear rates overlap, and the
different profiles report friction values similar to the constant velocity results, step
velocity testing below this range shows decreasing friction with decreasing velocity,
while sine velocity testing above this range shows increasing friction with increasing
velocity.

Although significant variations with loading rate were observed, attempts to develop
a complex rate-dependent model did not yield substantial improvements when uti-
lizing these models in contact definitions to correlate FEA simulations of wound roll
vibration to experimental measurements over a simple constant friction model. This
work justifies use of the Coulomb model as a reasonable framework for describing
the friction for wound roll vibration.

Beyond providing justification for friction models used to achieve correlation, it’s
difficult to make any conclusive statements on frictional behavior due to a number of
caveats. First, there are uncertainties regarding the influence of testing machine on
results due to factors such as mechanical stiffness and the presence of active feedback
control for the Electroforce in particular. Furthermore, the uniform pressure exerted
by the pneumatic cylinders in the case of planar layered solids may not accurately
reflect the stress distribution induced by winding in a wound roll, complicating
the direct extension of findings from planar samples to wound roll geometries.
Finally, the generalizability of these findings remains uncertain, requiring caution
in extending claims beyond the confines of this experimental setup and its specific
contact surfaces. Regardless, the outcomes of this investigation are included to
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provide justification and enhance understanding and are not necessary to prove the
fundamental efficacy of the wound roll damping concept.
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